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Abstract

Extracorporeal life support procedures are used to maintain blood cir-
culation in case of organ failure and are required during open-heart
surgery, as bridge-to-recovery or as destination therapy. Magnetically
levitated pumps are already being implanted as ventricular assist de-
vices. They cause fewer complications than diaphragm pumps and
pumps with mechanical bearings. In particular, the risk of thrombus
formation can be significantly reduced. For extracorporeal applications,
such as cardiopulmonary bypass, extracorporeal membrane oxygena-
tion, and dialysis machines, mechanical and peristaltic pumps are still
dominantly used. This is for cost reasons and because magnetically lev-
itated pumps did not yield sufficient improvements for such applications
in the past.

In order to make the bearingless technology attractive for extra-
corporeal applications and to further increase the survival rate of the
patients, the work at hand deals with the causes and the reduction of
cell damage in bearingless centrifugal pumps. A suitable pump design
can significantly reduce cell damage compared to the current market-
leading products.

In the scope of this work, a low-haemolysis pump is designed, and
several prototypes are implemented, which were used to investigate the
cell damage with in vitro experiments. Additionally, CFD simulations
were carried out. The factor with most important influence on cell
damage was found to be the surface quality of the pump head. While
a surface roughness of Ra = 0.4µm is sufficiently smooth under at-
mospheric conditions, the influence of the roughness increases with in-
creasing pressure. For extracorporeal applications, the threshold value
is lower. Even a local abrasive wear leads to significantly increased
haemolysis.

Six different haemolysis models are implemented in fluid dynamic
simulations. Although current approaches significantly overestimate
cell damage, a good agreement with in vitro measurements can be
achieved by appropriate parameter selection. Also, a high correlation
can be shown with respect to geometry variations. The sensitivity of
the model used is, however, lower than that of the in vitro experiments.
Important effects, such as the surface quality, cannot be taken into
account due to computational limitations.

Comprehensive investigations on the pump geometry showed that
high cell damage occurs in the radial gap, between the impeller and
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Abstract

the housing, as well as at the inlet radius of the nozzle. Enlarging the
radial gap by 75% reduces haemolysis by 25%. A larger fillet radius of
the inlet nozzle allows for a further reduction by 40%.

To demonstrate the potential of the pump designed with the above
mentioned aspects in mind, in vitro benchmark tests for comparison
with commercial products were carried out. In addition to a reduction
in haemolysis by 50%, the priming volume was reduced to half compared
to the state of the art.
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Kurzfassung

Bei Organversagen kommen extrakorporale Organersatzverfahren zum
Einsatz welche den Kreislauf aufrechterhalten. Dies kann während einer
Operation am offenen Herzen, als Überbrückung bis zur Transplantati-
on oder als Dauerlösung erfolgen. Bereits heute werden magnetgelager-
te Pumpen als Herzunterstützungssysteme implantiert, welche, gegen-
über Membran- und mechanisch gelagerten Pumpen, weniger Kompli-
kationen aufweisen. Insbesondere das Risiko der Thrombenbildung kann
deutlich reduziert werden. Für extrakorporale Anwendungen, wie den
kardiopulmonalen Bypass, Herz-Lungen-Maschinen und Dialysegeräte,
dominieren nach wie vor mechanisch gelagerte Pumpen und Peristal-
tikpumpen.

Um die magnetisch gelagerten Pumpen auch für extrakorporale An-
wendungen attraktiv zu gestalten und die Überlebenswahrscheinlichkeit
von Patienten weiter zu steigern, befasst sich die vorliegende Arbeit mit
den Ursachen und der Reduktion der Zellschädigung in lagerlosen Zen-
trifugalpumpen. Durch eine geeignete Konstruktion der Pumpe lässt
sich die Zellschädigung gegenüber marktführenden Produkten deutlich
verringern.

Im Rahmen dieser Arbeit wurde eine zellschonende Pumpe ausge-
legt; nachfolgend wurden mehrere Prototypen implementiert, mithilfe
deren die Zellschädigung simulativ und durch in vitro Experimente un-
tersucht wurde. Als wichtigster Einflussfaktor stellte sich die Oberflä-
chengüte des Pumpkopfs heraus. Während unter atmosphärischen Be-
dingungen ein Mittenrauwert von Ra = 0.4µm ausreichend ist, nimmt
der Einfluss der Rauigkeit mit zunehmendem Druck zu. Für extrakor-
porale Anwendungen liegt der Schwellenwert tiefer. Bereits ein lokaler
abrasiver Verschleiss führt zu einer deutlich erhöhten Hämolyse.

Sechs unterschiedliche Hämolysemodelle wurden in fluiddynamischen
Simulationen implementiert. Obwohl die gängigen Ansätze die Zellschä-
digung in der Pumpe deutlich überschätzen, lässt sich durch eine geeig-
nete Parameterwahl eine gute Übereinstimmung mit in vitro Messungen
erreichen. Ebenfalls kann eine hohe Korrelation in Hinsicht auf Geo-
metrievariationen aufgezeigt werden. Die Sensitivität des verwendeten
Modells fällt allerdings geringer aus als jene der in vitro Experimente.
Wichtige Effekte wie die Oberflächengüte können aufgrund limitierter
Rechenleistung und einer geringen Datenbasis nicht berücksichtigt wer-
den.

Umfassende Untersuchungen der Pumpengeometrie verdeutlichen,
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Kurzfassung

dass im Radialspalt, zwischen Impeller und Gehäuse, sowie an der Run-
dung des Einlassstutzens, hohe Zellschädigungen auftreten. Durch eine
Vergrösserung des Spalts um 75% lässt sich die Hämolyse um 25% re-
duzieren. Eine stärkere Rundung des Einlassstutzens ermöglicht eine
weitere Reduktion um 40%.

Um das Potenzial einer Pumpe, welche unter Berücksichtigung der
genannten Aspekte konstruiert wurde, aufzuzeigen, wurden in vitro
Vergleichstests mit kommerziellen Produkten durchgeführt. Nebst ei-
ner Reduktion der Hämolyse um 50% konnte auch das Primingvolumen
gegenüber dem Stand der Technik halbiert werden.
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Nomenclature

Symbols
Latin

A surface m2

A linear current density A/m
B magnetic flux density T
ĉv coefficient of variation
d diameter m
D pulse width
e error
e specific internal energy J/kg
E energy J
f frequency Hz
f force density N/m2

F force N
h specific enthalpy J/kg
h height m
H magnetic field strength H
Hb haemoglobin mg/dl
Hb,pf plasma-free haemoglobin mg/dl
HI index of haemolysis
Ht haematocrit
I current A
j current density A/m2

L angular momentum Nms
m mass kg
n rotational speed rpm
N number of
NIH normalised index of haemolysis mg/dl
Nu Nusselt-number
p pressure (1 mmHg = 133.32 Pa) Pa
p pole pair number
p momentum Ns
P power W
Pr Prandtl-number
q line force density N/m
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Nomenclature

Q volumetric flow rate m3/s
r radius m
R resistance Ω
Ra Rayleigh-number
Ra mean roughness index µm
Re Reynolds-number
Rz average maximum profile height µm
s experimental standard deviation
S source term (·)/s
t time s
t thickness m
T torque Nm
Ta Taylor-number
u circumferential velocity m/s
U voltage V
v absolute velocity m/s
V volume m3

w relative velocity m/s
w width m
Y specific work m2/s2

Greek

α tilting angle ◦

α absolute flow angle ◦

β tilting angle ◦

β blade angle ◦

β relative flow angle ◦

γ slip coefficient
δC diameter number
ε blade blockage
η efficiency
θ rotor angle rad
ϑ temperature K
Θ magnetomotive force A
µ magnetic permeability H/m
µfl dynamic viscosity Pa · s
ν kinematic viscosity m2/s
ξ pressure loss coefficient
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Nomenclature

ρ density kg/m3

ρcu specific resistance Ωm
σ mechanical stress N/m2

σ standard deviation
σC specific speed
τ shear stress N/m2

φ flow coefficient
ϕ angular coordinate rad
ψ residence time s
ω angular speed rad/s

Coordinate Systems and Unit Vectors

~n normal vector
x, y, z Cartesian coordinates m
r, ϕ, z polar coordinates m
d, q, z rotor oriented coordinates m
δx, δz, δz lateral rotor deflection m
δα, δβ rotor tilting rad

Indices

(·)a outside/outlet
(·)abs absolute
(·)air air
(·)amb ambient
(·)ax axial
(·)bl blade
(·)bng bearing
(·)crit critical
(·)cu copper
(·)S shroud
(·)drv drive
(·)ec eddy current
(·)el electric
(·)exp exposure
(·)fl fluid
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Nomenclature

(·)free unbound carriers
(·)H hub
(·)hem haemolysis
(·)hyd hydraulic
(·)hys hysteresis
(·)i inside/inlet
(·)imp impeller
(·)L Lorentz
(·)leak leakage
(·)m middle
(·)ṁ momentum
(·)m meridional
(·)M lateral surface
(·)mag magnetic
(·)max maximum
(·)meas measurement
(·)mech mechanical
(·)mot motor
(·)·,(n) n-th harmonic
(·)net net
(·)nom nominal
(·)P pump
(·)pf plasma-free
(·)r,ϕ,z spacial direction in polar coordinates
(·)R reluctance/friction
(·)sim simulation
(·)ref reference
(·)rel relative
(·)rot rotor
(·)st shock
(·)stat stator
(·)sur surrounding
(·)th theoretic/threshold/thermal
(·)tot total
(·)tooth stator tooth
(·)V loss
(·)vM von Mises
(·)vol volumetric
(·)Vol volute
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Nomenclature

(·)W wall
(·)x,y,z spacial direction in Cartesian coordinates
(·)∞ limit value

Constants

g gravity of earth 9.81 m/s2

µ0 vacuum permeability 4π · 10−7 N/A2

Conventions and Operators

d differential operator
∂ partial derivative
DΨ
Dt substantial derivative DΨ

Dt = ∂Ψ
∂t + (~u · ∇)Ψ

∆ difference
f(. . . ) function of
∇ nabla / del
∇~u gradient of a vector field ~u: ∇~u = (∇⊗ ~u)T
~x vector
x tensor
xij tensor in component notation
ẋ temporal derivative
x average
x̂ peak value/amplitude
|x| absolute value
⊗ dyadic product

Abbreviations

CFD computational fluid dynamics
CPB cardiopulmonary bypass
ECMO extracorporeal membrane oxygenation
ECLS extracorporeal life support
FEM finite-element-method
ID inner diameter
RBC red blood cell
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Nomenclature

VA venous-arterial
VAD ventricular assist device
VV venous-venous
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1
Introduction

1.1 Extracorporeal Life Support

Extracorporeal life support is used during operations, as a support for
failing organs and as a bridge to transplantation. The patient’s blood
circulation and, in some cases, other organ functions are supported or
replaced extracorporeally.

During heart surgery, the so-called cardiopulmonary bypass (CPB)
method is used to take over the function of the heart and lungs. Blood
is pumped with blood pumps through an extracorporeal circulation. In
this system, filtering, temperature control and gas exchange take place
with the aid of an oxygenator.

In the case of an acute respiratory disease, a modified form of CPB
is used: the so-called extracorporeal membrane oxygenation (ECMO/
ECLS). These two methods differ concerning the pump function, mainly
in the flow rate. Whereas during CPB, the total volume flow of approx.
5 l/min has to be delivered by the pump, during ECMO, only about
80% thereof needs to be supported. The remaining blood flow is still
maintained by the heart to prevent thrombus formation. The reduced
strain on the diseased organs enables faster regeneration. The amount
of volume flow taken over by the pump depends on the degree of damage
of the organs to be relieved.

If ECMO applications require both heart and lung functions to be
taken over, venous blood is drawn from the body. It is filtered outside
the body, oxygenated and tempered before being reinjected arterially.
This is referred to as the venous-arterial ECMO (VA ECMO). If only
the lung function has to be taken over, the blood is both taken from
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Chapter 1. Introduction

and returned to the vein (VV ECMO). The heart’s function continues
normaly.

Another application is for dialysis, which is employed in case of
kidney failure. Blood purification also takes place in an extracorporeal
circuit using a membrane [1]. The continuous delivery takes place either
via a peristaltic pump or a centrifugal pump specially designed for this
application.

1.2 Motivation
In Europe, about 3.9 million deaths per year are caused by cardiovas-
cular diseases. In about twelve countries, they are the main cause of
death for men and in two of those also for women [2]. Since 1919, it
has also been the leading cause of death in the statistics of the United
States (over 800,000 deaths in 2014) [3]. Implantable ventricular as-
sist devices (VAD) or heart transplants are available today as the last
treatment option for severe cardiovascular diseases. In 2017, about 2100
such VADs were implanted [4].

Particularly in the field of implantable VADs, great efforts are being
made to improve the products. The magnetically suspended HeartMate
3 (Abbott) received the CE marking in 2015 and has since been the most
advanced VAD pump on the market [5]. Due to the long service life
of such VAD systems, the product costs are secondary, which enables
the use of advanced materials and technologies. Such technologies are
rarely used for extracorporeal systems exactly because of their high
costs, although such systems are used in the majority of cardiovascular
treatments. Especially after the influenza A (H1N1) pandemic in 2009,
ECLS therapies in adults have increased significantly [6]. According
to the extracorporeal life support organization (ELSO), in 2018 alone,
about 2923 respiratory and 3433 cardiac therapies were registered. The
survival rate was 62% and 45%, respectively [7]. In addition, there
were 2348 applications in newborns and children, with a survival rate
of approximately 62%, and other unregistered patients. Complications
occurred in about 3-4% of the cases due to elevated hemoglobin levels
(> 50 mg/dl). Only 55% of lung and 32% of heart patients survived
these complications. Both the occurrence of bleeding and an increased
risk of thrombosis are among the main complications in ECMO appli-
cations [8]. It is not known which factors in the interaction between
the patient and the circulatory system are responsible for such compli-
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cations [9]. A potential problem is the direct damage of blood compo-
nents, especially blood cells. As a result of mechanical transportation,
the membranes of the blood cells are impaired. This is followed by a
limitation of the functionality up to the destruction of the cell. The sys-
temic stimulation of blood coagulation in the vascular system leads to
excessive consumption of coagulation factors, resulting in a severe coag-
ulopathy (DIC). This may be a possible cause of bleeding and excessive
thrombus formation.

This work intends to contribute to the reduction of blood cell dam-
age inflicted by pumps in mechanical circulatory support, in order to
increase the success rate of above described treatments.

1.3 State of the Art
Until 2009, mainly peristaltic pumps were used for ECLS applications
[6]. These pumps are still widely used due to their inexpensive com-
ponents. An essential disadvantage is difficult handling. In particular,
the risk of a tube rupture is high, as they displace a constant volume
regardless of the backpressure.

In the meantime, peristaltic pumps have been almost completely
replaced by centrifugal pumps. Due to their flat pump characteristics,
the outlet pressure is limited, and the risk of tube rupture is low. How-
ever, the risk of haemolysis and the resulting organ failure appear to be
increased in newborns and children [10,11].

The first centrifugal pump for ECLS applications was tested as early
as 1975. The Bio Medicus Vortex Pump (currently Medtronic BPX-80)
was launched in the same year [6]. This pump is equipped with a
mechanical pivot bearing. A magnetic torque coupling drives the pump
through the housing bottom. The heat generated in the bearing is
probably the most significant source of cell damage [12].

Further pumps with mechanical bearings followed in subsequent
years. Widely used examples are the deltastream DP3 (Medos), Rota-
Flow RF-32 (Maquet), and revOlution (Sorin Group, LivaNova). In
some cases, these pumps significantly exceed the cell compatibility of
the BPX-80.

The first fully magnetically suspended pump (CentriMag) was clin-
ically tested in 2004 [13]. Drive and bearings of this pump rely on the
concept of the bearingless slice motor, which is presented in more detail
in Chapter 2. Thanks to the low-shear and stagnation-free design, this
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Chapter 1. Introduction

pump causes only minor damage to the blood cells. Due to the lack
of mechanical abrasion, it is also suitable for long-term use. Promising
results were achieved in several clinical trials [14–18]. However, a reduc-
tion of haemolysis compared to the mechanically supported RotaFlow
pump could not be demonstrated [19,20].

1.4 Objective of this Work
The present work aims to identify the causes of cell damage in bear-
ingless pumps. Simulations and in vitro experiments are used to locate
critical points in the pump and identify suitable measures to reduce cell
damage.

By choosing a small rotor diameter, both the production costs of the
pump head and the priming volume are to be reduced compared to ex-
isting systems. At the same time, cell compatibility is to be maintained
or even improved.

1.5 Structure of the Work
Chapter 2 describes the function of the bearingless slice motor. Two
motor topologies are presented, namely the slotless slice motor and the
grooved motor in temple design. This is followed by a description of the
force and torque generation as well as an overview of the relevant loss
mechanisms. By using the Cordier diagram and a simplified thermal
model of the pump, the two topologies are compared for their applica-
tion as medical pumps.

Chapter 3 describes the design and function of the bearingless cen-
trifugal pump in detail. The geometric dimensions of the impeller are
linked to the characteristic curve of the pump with the help of the law
of conservation of momentum. Finally, the hydraulic forces acting on
the impeller and the hydraulic loss mechanisms are described.

Starting with the composition and properties of human blood, Chap-
ter 4 lays the necessary foundations for understanding haemolysis in
blood pumps. The most critical factors influencing cell damage are
highlighted. In addition, mathematical models for estimation of cell
damage by use of CFD simulations are presented.

The procedures applied to investigate cell damage are presented in
Chapter 5. In addition to the design of the prototypes, the test benches
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used for in vitro investigations are presented. The implementation of
the damage model in a CFD simulation environment is also shown.

Chapter 6 examines the influence of surface quality on haemolysis
in the centrifugal pump. The dependence of cell damage on the surface
quality, shear rate, and static pressure is shown using a simplified test
bench.

CFD simulations are used to visualize the flow conditions within the
pump in Chapter 7. The analysis takes place with the geometries of
one of the prototypes. The focus is mainly on the flow conditions in
the sidewall gaps and the shear forces that occur.

Chapter 8 presents the results from the in vitro experiments. CFD
simulations are used to illustrate the effects of the individual geometric
variations.

Chapter 9 compares the prototypes with market-leading products in
the field of extracorporeal cardiac support. Finally, the most relevant
results are summarized in Chapter 10.

1.6 Publications
Findings in the context of this dissertation that have been published in
journals and presented at conferences, along with the student projects
that have been supervised, are listed below.

Journals
I P. Puentener, M. Schuck, D. Steinert, T. Nussbaumer and J. W. Ko-

lar, "A 150000 r/min Bearingless Slice Motor," IEEE/ASME Trans.
on Mechatronics, vol. 23, no. 6, pp. 2963–2967, December 2018.

I M. Schuck, P. Puentener, T. Holenstein, and J. W. Kolar, "Scaling
and Design of Miniature High-Speed Bearingless Slice Motors,"
Elektrotechnik und Informationstechnik, vol. 136, no. 2, pp. 112–
119, April 2019.

I P. Puentener, M. Schuck, and J. W. Kolar, "The Influence of Im-
peller Geometries on Haemolysis in Bearingless Centrifugal Pumps,"
IEEE Open Journal of Engineering in Medicine and Biology, un-
der review.
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I P. Puentener, M. Schuck, and J. W. Kolar, "CFD Assisted Evalua-
tion of In Vitro Experiments on Bearingless Blood Pumps," IEEE
Trans. on Biomedical Engineering, under review.

Conference Publications
I P. Puentener, F. Hoffmann, D. Menzi, D. Steinert, and J. W. Ko-

lar, "Homopolar Bearingless Slice Motor in Temple Design," IEEE
International Electric Machines and Drives Conference (IEMDC),
Miami (FL), USA, May 2017.

I P. Puentener, M. Schuck, D. Steinert, and J. W. Kolar, "Com-
parison of Bearingless Slice Motor Topologies for Pump Applica-
tions," IEEE International Electric Machines and Drives Confer-
ence (IEMDC), San Diego (CA), USA, May 2019.

Supervised Student Theses
I F. Hoffmann, D. Menzi, "Lagerlose Motoren mit hoher Lager-

steifigkeit," LEM 1630, Semester Thesis, Autumn 2016.

I A. da Silva Fernandes, "A High-Speed Bearingless Electrical Mo-
tor," LEM 1633, Master Thesis, Autumn 2016.

I M. Sanchez, P. Seiler, "Charakterisierung einer magnetgelagerten
Pumpe," LEM 1711, Group Thesis, Spring 2017.

I T. Felder, "Entwicklung eines lagerlosen Rotationsviskosimeter,"
LEM 1715, Semester Thesis, Spring 2017.

I N. Schlegel, "Experimental Setup for Analyzing Cell Damage Re-
lated to Surface Roughness," LEM 1720, Masterarbeit, Autumn
2017.

I S. Wyss, "Entwicklung einer auf Hallsensoren basierenden Po-
sitionssensorik für nuten- und lagerlose Motoren," LEM 1726,
Semester Thesis, Autumn 2017.

I T. Lehner, "Investigation of the Influence of Impeller Geometry in
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2
Bearingless Slice Motors

The bearingless slice motor is an electric motor with a magnetically
levitated rotor. The rotor consists of a diametrically magnetized ring
magnet, which generates an almost sinusoidal field distribution in the
air gap. In contrast to conventional magnetically suspended machines,
the bearing forces and torque are generated in the same iron circuit.
This enables a compact design.

The term slice motor indicates that the rotor diameter is larger
than its height. This results in three passively stable degrees of free-
dom. The causes and the exact relationships are explained in detail in
Section 2.3.6.

Six coils wound around the stator iron are available for bearing and
drive. With suitable current supply, both bearing forces and a drive
torque can be generated. A detailed description of the force and torque
formation is given in Section 2.3.

Sections 2.4 and 2.5 summarize the motor losses and assess two
motor topologies for pump applications.

2.1 Structure and Topologies
Since the development of the first bearingless slice motor [21], many
different bearing concepts have been developed. Most of them rely on
the principle of the homopolar bearing or use a reluctance rotor [22–25].
However, the focus of this work is on motors with heteropolar bearings.
The permanently magnetized rotor biases the magnetic field to achieve a
high torque density. The rotor is diametrically magnetized and radially
suspended in the stator.
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Chapter 2. Bearingless Slice Motors

The available motor topologies can be roughly divided into two cat-
egories. The slotless motor, depicted in Fig. 2.1(a), consists of a single
stator ring. The bearing and drive coils are wound toroidally around
the stator. Compared to helical or concentrated windings, this winding
arrangement achieves higher inductances [26,27]. The rotor field pene-
trates the coils in the air gap. The operating principle of the motor is,
therefore, primarily based on Lorentz forces.

In contrast, Fig. 2.1(b) depicts the slotted motor in temple design.
The stator iron consists of six L-shaped stator claws. The magnetic flux
path is closed on the underside through a ring-shaped back iron. The
coils are wound around the leg of the stator claws and can increase or
decrease the flux density in the respective tooth. The force and torque
are generated mainly due to reluctance forces.

Stator

Rotor Bearing and
Drive Coils

(a) Slotless Topology

ri

ra

hstat

wcu

δmech

wstat

Stator Claw Rotor

Stator
Backiron

(b) Temple Topology

hstatwcu

hrot

htooth

δmech Bearing and
Drive Coils

wstat

Figure 2.1: Rendered representations of the motor topologies investigated
and the terminology used.

2.2 Rotor Field

The air gap field caused by the rotor magnet can be assumed to be
approximately sinusoidal. Both radial Br as well as tangential field
components Bϕ occur. The axial field component is negligibly small in
the equilibrium position of the rotor and can be ignored when calculat-
ing the generation of active torque and bearing force.
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2.2. Rotor Field

The magnetic field in the air gap can be expressed as

~Brot(ϕ, θ) ≈ B̂r cos(prot(ϕ− θ))~er + B̂ϕ sin(prot(ϕ− θ))~eϕ, (2.1)

where θ is the mechanical rotor angle, prot is the number of pole pairs
of the rotor, and ϕ is the angular coordinate.

The terminology and coordinates used in the following can be found
in the top views in Fig. 2.2. A magnetically equivalent, two-dimensional
arrangement of the stator is used for the temple motor.

1

23
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5 6

ibng,n

idrv,n
Fbng
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z

ri
ra

 φ

Tdrv

Bbng
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23
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5 6

ibng,n

idrv,n
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y

z

 φri
ra

Fbng

Tdrv

Bbng

(a) (b)

Figure 2.2: Top view of the slotless (a) and the slotted (b) bearingless slice
motor. An equivalent two-dimensional representation was used for the slotted
motor. In the coils, the bearing (red) and drive currents (blue) are marked
qualitatively. The field lines caused by the bearing current are also indicated.

2.2.1 Stator Harmonics

In the case of a slotted stator with N stator claws, the rotor field is
distorted by the angle-dependent reluctance. Near the faces of the teeth,
the radial magnetic field is compressed, whereas it is slightly weakened
between the stator teeth. Similarly, the tangential field component is
strengthened in the areas of the teeth flanks.

The resulting radial air gap field can thus be approximated by su-
perimposing the rotor field with a rectangular function with pulse width
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Chapter 2. Bearingless Slice Motors

D = N∆ϕtooth
2π ,

Br = B̂r cos(prot(ϕ− θ)) ·
(
k1 + k2 · rect(ϕ− D

2 , D)
)
, (2.2)

rect(ϕ,D) = sgn
(
ϕN

2π −
⌊
ϕN

2π

⌋
−D

)
. (2.3)

Here k1 stands for the attenuation of the fundamental harmonic com-
pared to an unslotted stator.

The rectangle function can be represented using the Fourier series

rect(ϕ− D

2 , D) =
∞∑
n=1

N

nπ
sin
(
n

∆ϕtooth

2

)
cos(nNϕ). (2.4)

The n-th harmonic of the radial field Br,(n) can thus be described
as

Br,(n) = B̂r,(n) cos ((prot ± nN)ϕ− θel) , (2.5)

B̂r,(n) = B̂r
k2N

2πn sin
(
n

∆ϕtooth

2

)
, (2.6)

where θel = protθ.
Fig. 2.3 demonstrates this approximation for N = 6 and ∆ϕtooth =

30◦.
The harmonics caused by the stator shape show a higher spatial

frequency compared to the slotless variant, but rotate with the same
frequency as the fundamental harmonic.

To compare the two topologies, Fig. 2.4 illustrates the flux density
in the center of the air gap for a slotless (a) and a slotted (b) motor,
with the same rotor dimensions and air gap lengths. Both fields are
illustrated for a rotor angle of θ = 0.

In the case of a slotted temple motor with six rectangular claws
and a rotor pole pair number prot = 1, the flux density in the air gap
exhibits a fifth and seventh harmonic. The harmonics of the tangential
flux component are more pronounced.

Due to the uniform reluctance in the air gap, the stator of the slotless
motor does not cause harmonics. The tangential component is also less
pronounced with B̂ϕ ≈ B̂r/12 than with a slotted stator.

Furthermore, it can be seen that the maximum flux density of the
slotted motor is higher because the field lines condense towards the
stator tooth.
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Figure 2.3: Approximation of the radial field Br by superimposing the
fundamental harmonics with a rectangular function. A comparison of the
first seven harmonics with simulation results shows good agreement.

2.3 Torque and Force Generation
To explain the operating principle of the bearingless motor, it is as-
sumed that the used materials exhibit linear, isotropic behaviour during
operation. As described in Appendix A.3.11, the forces in the motor can
be divided into Lorentz ~fL and reluctance forces ~fR. Magnetostriction
and time-dependent effects are neglected.

2.3.1 Force Density
On the macroscopic level, the force density can thus be described as

~fV = ~jfree × ~B − 1
2
~H2∇µ = ~fL + ~fR. (2.7)

Furthermore, it can be assumed that µFe � µair ≈ µ0 applies. The
magnetic field lines, therefore, enter the iron surface of the stator ap-
proximately perpendicularly. The reluctance force on the stator surface
can thus be calculated in a simplified form as

~fR,stat = 1
2µ0

B2
n~n1 = 1

2µ0
B2~n1, (2.8)

where ~n1 stands for the normal vector on the surface.

13



Chapter 2. Bearingless Slice Motors

Harmonic n 

|B
r,

(n
)|/

|B
r,

(1
)|

|B
φ,

(n
)|/

|B
φ,

(1
)|

0

0.2

0.4

0.6

0.8

1

0.2

0.4

0.6

0.8

1

Harmonic n
1 3 5 7

45° 135° 225° 315°

B
r /

 T
B
φ 
 /

 T

0
0.15

-0.45

0.75

0.45

-0.15

0.16

0

-0.16

0.05

-0.05

1 3 5 7

45° 135° 225° 315°
Azimuth Angle φ 

(a) (b)

Azimuth Angle φ 

Figure 2.4: Field distribution in the slotless (a) and slotted (b) machine.
The upper part depicts the radial field component Br together with the fre-
quency components along the angular coordinate ϕ in the middle of the air
gap. In the lower part, the same applies for the tangential flux density Bϕ.

The reluctance force thus always acts as a tensile force perpendicular
to the surface. The Lorentz force acts only on the current-carrying
conductors in the machine.

2.3.2 Action of Force
In order to describe the force and torque generation in the bearingless
machine, the forces acting on the stator are determined. According to
Newton’s third law, these must be equal to the forces acting on the
rotor in opposite direction.

−~Frot = ~Fstat =
∫

Vcu

~jfree × ~B dV +
∫

Astat

B2

2µ0
d ~A, (2.9)

−~Trot = ~Tstat =
∫

Vcu

~r × (~jfree × ~B) dV +
∫

Astat

B2

2µ0
(~r × ~n) dA (2.10)
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2.3. Torque and Force Generation

The two considered topologies differ significantly in the generation of
torques and forces. For the slotted motor, the current-carrying windings
are located in almost field-free areas. All forces are thus attributable
to reluctance forces. Since these forces always act perpendicular on
the stator surface, the bearing forces are generated on the teeth faces
and flanks, while the torque can only be generated on the teeth flanks.
For the slotless motor, the bearing forces are generated by radially
acting reluctance forces and tangentially acting Lorentz forces. The
torque can only be generated by Lorentz forces. In contrast to the
slotted machine, the torque-forming forces in the slotless motor thus
act directly on the conductors. Therefore, they must be sufficiently
fixed to prevent twisting.

2.3.3 Equivalent Modeling
Although the force generation of the two motor topologies is quite differ-
ent, the operating principle can be described equally. For this purpose,
the reluctance forces acting on the teeth flanks of the slotted motor
are replaced by Lorentz forces acting on current sheets imagined to be
located in the air gap. The resulting forces are equal in magnitude and
direction [28,29].

For the sake of simplicity, the following description of the operating
principle is based on the slotless motor. Further considerations can be
found in [30].

Linear Current Density

The copper area Acu from Fig. 2.5 is considered in the form of a ring
segment with inner and outer radius rcu,i and rcu,a, respectively. This
surface has a tangential expansion of ∆ϕ and a constant current density
~j = j~ez.

Correspondingly, the generated magnetomotive force is

Θ =
r2
cu,a − r2

cu,i

2 ∆ϕj. (2.11)

The current density
~A = Θ

∆ϕr~ez (2.12)

is defined as the line current density on the radius r. The mean radius
of the copper winding rcu,m = 1

2 (rcu,i + rcu,a) is usually used.
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∆φ
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Br
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fL

rcu,m

∆φ

Figure 2.5: (a) representation of the current density jz, the radial field Br,
and the resulting Lorentz force density fL. (b) representation of the linear
current density Az, radial field Br, and the resulting line force density qL.

It follows
Az = Θ

∆ϕrcu,m
=
r2
cu,a − r2

cu,i

2rcu,m
j. (2.13)

2.3.4 Torque Generation
The drive of the bearingless disc motor is identical to that of the perma-
nent magnet synchronous machine. The air gap field ~Brot(ϕ, θ) gener-
ated by the rotor is superimposed by a stator field with the same number
of pole pairs pdrv. For this purpose, the current density Az(ϕ, θ) in the
drive coils is chosen in such a way that the basic component Az,(1)(ϕ, θ)
shows the desired amplitude and phase.

Assuming that the flux density along the stator height hstat and
along the radial extension of the conductor is constant, this leads to a
distribution of the Lorentz line force density ~qL corresponding to

~qL = qr~er+qϕ~eϕ = hstat ~A× ~B = hstatAz(ϕ, θ) ·(Br~eϕ −Bϕ~er) . (2.14)

The resulting torque, generated by the Lorentz forces, can be ob-
tained by integration along the mean conductor radius rcu,m,

Trot,z = −
∫ 2π

0
(~r × ~qL) r dϕ = −r2

cu,m

∫ 2π

0
qϕ dϕ. (2.15)

Here, the force components on the cover surfaces were neglected.
The tangential portion of the line force density,

qϕ = hstatAz(ϕ, θ)Br(ϕ, θ), (2.16)
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2.3. Torque and Force Generation

only depends on the radial rotor field and current.
If the fundamental harmonic of the drive current is chosen to be

Adrv,(1)(ϕ) = −Âdrv sin(pdrvϕ− θel + ϕdrv) (2.17)

the corresponding torque is

Tz = hstatr
2
cu,mπB̂rÂdrv sin(ϕdrv), (2.18)

if prot = pdrv.
Both the amplitude Âdrv and the drive angle ϕdrv can be used to

control the torque. Since the motors under consideration show hardly
different inductances in d- and q-directions, the drive angle can be fixed
at ϕdrv = π/2 and the q-current Iq is controlled. This minimizes the
ohmic losses in the drive coils (MTPA control).

2.3.5 Generation of Radial Bearing Forces
The bearing forces in the slotless motor are generated by both Lorentz
and Maxwell forces. In the following, first the force component caused
by the Lorentz force will be described, and then the component caused
by the reluctance force.

Lorentz Forces

Analogous to the calculation of the torque, the current flow in the bear-
ing coils results in a Lorentz force density ~qL. It can be integrated along
the stator circumference in order to obtain the resulting Lorentz force
acting on the rotor. The following applies:

~Frot,xy = −
∫ 2π

0
~qLrcu,m dϕ = −

∫ 2π

0
rcu,mR ·

(
qr
qϕ

)
dϕ (2.19)

where
R =

(
cos(ϕ) − sin(ϕ)
sin(ϕ) cos(ϕ)

)
(2.20)

represents the transformation from the polar to the Cartesian coordi-
nate system.

If a current density Abng is assigned to the bearing coils, whose basic
harmonic

Abng,(1)(θ) = Âbng sin(pbngϕ− θel − ϕbng) (2.21)
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Chapter 2. Bearingless Slice Motors

shows a pole pair number pbng = prot + 1, the resulting force is

~Fxy = Âbng(B̂r + B̂ϕ)hrotraπ

2

(
cos(ϕbng)
sin(ϕbng)

)
. (2.22)

Maxwell Forces

In addition to the Lorentz forces described above, Maxwell forces also
act in the bearingless motors. For the slotless motor, the stator mag-
netic field lags the current by 90◦ electrically. Since the field lines on
the inside of the stator are almost perpendicular to the iron surface,
the stator flux density is simplified to

~Bstat = B̂stat cos(pbngϕ− θel − ϕbng)~er. (2.23)

The resulting Maxwell force is given by

~Frot,xy = hrotri,stat

2π∫
0

R · B
2
tot

2µ0
~er (2.24)

with Btot = Bstat,r +Brot,r.
With a pole pair number of pbng = prot + 1 a radial force is given by

~Frot,xy = hrotri,statπ

2µ0
B̂rot,rB̂stat,r

(
cos(ϕbng)
sin(ϕbng)

)
. (2.25)

The Maxwell forces thus add up to the Lorentz forces and increase
the radial force. This applies to pstat = prot + 1. Results for other pole
pair numbers are discussed in [30].

2.3.6 Passive Properties
The passive properties of the motors are purely due to reluctance forces.
The deflection of the rotor from its equilibrium position changes the field
distribution and thus the energy stored in the magnetic field,

Emag = 1
2

∫
V

BH dV. (2.26)

Since the reluctance force acts perpendicularly on the stator surface,
it becomes clear that different surfaces of the stator are responsible for
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2.3. Torque and Force Generation

the force generation at the different deflections of the rotor. The radial
forces always act on the face sides of the stator, while axial forces act
on the upper and lower sides. The restoring torques around the d- and
q-axis are formed both on face sides as well as on the upper and lower
sides of the stator.

For the arrangement of a diametrically magnetized rotor, which is
concentrically planarly centred in a stator (coaxial coupling), the axial
degree of freedom is passively stable. In contrast, the radial direction
is always unstable for such an arrangement [31]. A magnetic bearing
based entirely on permanent magnets is not possible, according to the
Earnshaw theorem [32].

For disc-shaped bearingless motors (hrot < rrot), in addition to the
axial deflection δz (see Fig. 2.6(a)), the tilting about the d- and q-
axis, δα and δβ, respectively, is also passively stable. This can be seen
qualitatively in Fig. 2.6(b). The reluctance increases by tilting the rotor
around the q-axis. This applies as long as the reluctance forces acting
on the upper and lower sides of the stator change more than the radial
forces.

Fz FRFR

β

FR

FR

y

z

x(a) (b)

δz Tβ

Figure 2.6: The generation of passive bearing forces is based on the increase
of the reluctance due to the air gap change. Axial reluctance force Fz (a) and
restoring tilting torque Tβ (b).

Passive Bearing Stiffness

A bearing stiffness can be introduced to describe the bearing, analogous
to a mechanical spring. For this purpose, each degree of freedom is
assigned a corresponding stiffness around the equilibrium position,

kx = −dFx
dx , ky = −dFy

dy , kz = −dFz
dz , (2.27)

kα = −dTα
dα , kβ = −dTβ

dβ . (2.28)
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Chapter 2. Bearingless Slice Motors

Here, Fi and Ti represent the forces in the direction i and the torque
around the axis i, respectively.

Degrees of freedom, whose passive bearing stiffness is positive, have
a stabilizing effect.

2.4 Loss Models
The losses in the bearingless motor consist primarily of ohmic copper
losses and iron losses. The eddy current losses induced in the rotor shell
due to the current ripples and the stator harmonics are subsequently
neglected. They only become important at high speeds, or for large
current ripples [30]. Since the rotation speeds required for pumping
applications are relatively low, the eddy current losses contribution is
negligible. To reduce eddy-current losses, only thin laminated stator
irons are considered and edd current losses caused by the drive field are
assumed to be negligible [33].

Skin and proximity effects are also not considered. Proximity effects
can have a particularly large influence on the losses in the slotless motor,
however, can be almost eliminated by using stranded wire [34].

2.4.1 Copper Losses
Ohmic losses occur in the current-carrying windings of the stator, which
can be calculated according to

Pcu = RI2 = ρcuVcuj
2
rms. (2.29)

Here, ρcu is the specific resistance of copper, Vcu the copper volume,
and jrms the RMS value of the current density.

For later analysis of the pump, it makes sense to assign the losses
separately to the bearing and drive windings. The following applies:

Pcu,bng =
Nbng∑
i=1

ρcuVcu,bngj
2
rms,bng,i, (2.30)

Pcu,drv =
Ndrv∑
i=1

ρcuVcu,drvj
2
rms,drv,i, (2.31)

where Nbng and Ndrv represent the number of bearing and drive coils,
respectively.
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2.4. Loss Models

For the copper resistance, it is necessary to consider the linear tem-
perature coefficient α according to equation (2.32) and to estimate the
temperature ϑ, or to determine the temperature by simulations or mea-
surements,

ρcu = ρcu,ϑ0(1 + α(ϑ− ϑ0)). (2.32)

At the reference temperature ϑ0 = 20 ◦C, a value of α ≈ 3.9 · 10−3 1/K
and ρcu,ϑ0 ≈ 16.8 nΩm can be assumed for copper [35].

2.4.2 Iron Losses
The iron losses occur in the stator and are caused by the rotating mag-
netic field, generated mainly by the rotor. The induction change causes
both eddy current losses Pec and hysteresis losses Phys.

In the following, the Steinmetz formula

Pstat = Phys + Pec = C

∫
Vstat

fαB̂β dV, (2.33)

is used to determine the iron losses. The Steinmetz parameters C, α
and β can be determined by robustly minimizing the error squares using
loss measurements from the data sheet. The resulting parameters for
electrical steel M330-35A are listed in Tab. 2.1.

Table 2.1: Steinmetz parameters for electrical sheet M330-35 [36].

Electrical Sheet M330-35A

C 24.54W/(m3HzαTβ)
α 1.5
β 1.85

While it is possible to find analytical solutions for the stator losses
in the slotless motor [37], the conditions with the slotted temple motor
are too complex. Therefore, in the following, FEM simulations are used
to obtain the loss distribution.

In order to show the differences in the stator losses between the two
topologies, the simulation results for the same rotor dimensions, air
gap lengths, and outer radii of the motors are depicted in Fig. 2.7. The
simulations were carried out with rotational speed set to 8000 rpm.
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Figure 2.7: Distribution of the stator losses caused by the rotating rotor
field for the slotless (a) and slotted topology (b). Both topologies feature the
same rotor diameter, magnetic air gap length, and stator outer diameter.

In the slotless machine, the stator losses occur mainly on the inside
of the stator ring. This is due to a slightly higher flux density at the
inner radius of the stator. The difference between the inside and outside
strongly depends on the cross-sectional area. With smaller surfaces, the
losses are distributed more homogeneously along the radius.

The temple motor has high flux densities in the stator back iron,
especially between the individual claws. Field concentrations also occur
at sharp-edged transitions. The stator losses are correspondingly higher
in these regions.

2.5 Topology Comparison for Pump Appli-
cations

Without going into the functionality and design guidelines of a cen-
trifugal pump in more detail, the following section compares the two
motor topologies for different operating points typical for medical ap-
plications. The exact flow conditions in the pump do not have to be
known. Based on scaling considerations and empirical data, impeller
diameter, speed, and pump type can be linked. For this purpose, the
so-called Cordier diagram is used. This diagram provides the radius,
speed, and design required to achieve the best pump efficiency for a
given operating point. With this information and an estimate of the
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pump efficiency, the motor efficiency can be determined. It can also
be estimated whether a particular motor design provides the necessary
axial stiffness to compensate for the axial thrust. A detailed description
of the centrifugal pump follows in Chapter 3.

2.5.1 The Cordier-Diagram
Otto Cordier carried out an empirical study of industrial turbomachin-
ery in the 1950s. He was able to relate the optimum impeller diameter
in terms of efficiency to the operating conditions of the machines [38].
The results were summarized in the so-called Cordier diagram.

In order to make the diagram generally valid, both the impeller
diameter da as well as the rotation speed ω are normalized using the
volume flow Q and the total pressure difference ∆ptot .

By using the specific work

Y = ∆ptot

ρfl
, (2.34)

where ρfl stands for the density of the fluid, the two dimensionless
parameters,

diameter number δC = da

√
π

2
(2Y )1/4

Q1/2 (2.35)

and

specific speed σC = ω√
π

Q1/2

(2Y )3/4 , (2.36)

can be defined.
Fig. 2.8 shows the resulting diagram. High-efficiency pumps are

located in the upper Cordier range (marked with "compressors"). For
turbines, the dimensions should be selected to fall within the lower
Cordier-band.

For pumps, the Cordier diagram is divided along the specific speed
into three areas, which provide information about the design of the
pump impeller. For low specific speeds σC < 0.3 , radial centrifugal
pumps, which deflect the mass flow by 90◦, are best suited. In the range
of higher specific speeds σC > 0.7, axial centrifugal pumps, which do
not change the flow direction, are preferred. The transition between the
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Figure 2.8: The Cordier diagram describes the optimum operating ranges of
different turbomachines using the specific speed σC and the diameter number
δC. The valid range for centrifugal pumps is highlighted in blue. Figure
adapted from [39].

two areas is continuous and is formed by so-called diagonal pumps. On
the right side of Fig. 2.8, the three pump types are exemplarily shown
in a sectional view.

In general, for higher specific speed, mass flow should be less di-
verted and the more axial should the impeller be designed.

Torque and Efficiency

For a given operating point of the pump (Q and ∆ptot) and rotor di-
ameter, Fig. 2.8 shows how fast the rotor has to turn.
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The following applies as a good approximation:

σC =
(
δC − 1.061

0.6018

)−0.896
. (2.37)

If the rotation speed is known, the power balance

Pmech = Tmotω = Phyd

ηP
= Q∆ptot

ηP
(2.38)

can be used to calculate the required torque Tmot .
The efficiency of the pump ηP must be estimated using empirical

data or experimental results. For bearingless radial pumps, an efficiency
of approx. 40% is to be expected.

For the industrial pumps investigated by Cordier, axial pumps tend
to be less efficient than radial ones [38]. The extent, to which these
findings can be applied to such low volume flows that are common in
medical applications, is not known. The unique flow conditions caused
by the magnetic bearing also make it difficult to predict the efficiency.
It is, however, certain that pumps with low flow rates achieve lower
efficiencies than those with high flow rates. This is due to the higher
relative roughness [40].

Therefore, it can be assumed that bearingless axial pumps do not
achieve any significant increase in efficiency compared to radial pumps.
For this reason, an efficiency of 40% is estimated, regardless of the pump
type.

2.5.2 Axial Thrust
Due to the flow differences at the top and the bottom of the impeller, an
axial thrust acts on the rotor. For radial impellers, these axial forces can
be largely compensated by suitable design measures. For axial pumps,
however, this is only possible at the optimum operating point. The
axial thrust cannot be compensated in cases of underload or overload.
It must be assumed that the entire pressure difference ∆p applies to
the impeller surface Aimp [40].

The resulting axial force

Fax = ∆pAimp (2.39)

must be compensated entirely by the passive magnetic bearing.
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Chapter 2. Bearingless Slice Motors

In the following considerations, a maximum deflection δzmax =
hrot/2 is defined, which must not be exceeded for the compensation
of the axis thrust so that the bearing remains stable. For the maximum
achievable pressure difference, this means

∆pmax ≤
hrotkz
2Aimp

. (2.40)

2.5.3 Simplified Thermal Model

To estimate the motor efficiency, loss models from Section 2.4 are con-
sidered. A simplified thermal model is used to determine copper losses.
It is assumed that all stator losses Pstat lead to homogeneous heating
of the motor. Cooling takes place completely passively by convection
via the external motor surface Asur.

For a stationary operating point, the motor temperature ϑ will settle
to a steady value and a convective flow forms on its outside. At this
temperature, the heat convection is equal to the entire stator losses,

Pstat = αthAsur(ϑ− ϑamb). (2.41)

Here, ϑamb represents the ambient temperature, which is assumed to
be constant.

In order to determine the heat transfer coefficient αth, the motor is
modelled as a vertically aligned cylinder of height h and diameter d. A
convection flow is formed on its outside.

The Nusselt number Nu and the thermal conductivity λ of the am-
bient air can be used to determine the temperature coefficient according
to

αth = Nu
λ

h
. (2.42)

For the considered case of the upright cylinder, the Nusselt number
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is given by [41]

Nu =
[
0.825 + 0.387 · (Ra · F3)1/6

]2
+ 0.87h

d
, (2.43)

F3 =
[

1 +
(

0.492
Pr

)9/16
]−16/9

, (2.44)

Pr = νair

a
= µaircp

λ
= 0.6559, (2.45)

Ra = h3g∆ϑ γ

νaira
, (2.46)

where the parameters for air are given in Tab. 2.2.

Table 2.2: The material values used for convective cooling with air at room
temperature.

Parameter Character Value Unit

dynamic viscosity µ 17.1 kPas
spec. heat capacity cp 1.005 kJ/(kg ·K)
thermal conductivity λ 26.2 mW/(m ·K)
spatial expansion factor γ 3.41 · 103 1/K
kinematic viscosity ν 14.9 · 10−6 m/s2

temperature coefficient a 20 · 10−6 m/s2

gravitational constant g 9.81 m/s2

The Nusselt number Nu must be determined iteratively since the
Rayleigh number Ra depends on the temperature. Also, an iterative
solution for the copper losses Pcu is necessary, since they are also de-
pendent on the temperature and contribute to the total losses Pstat.

2.5.4 Design Process
To compare the two motor topologies at different operating points,
3D FEM simulations are performed. The most critical parameters of
motors are varied and the passive stiffness, the torque constant, and
the losses are determined. A flowchart of the process is illustrated in
Fig. 2.9.
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Figure 2.9: Flow diagram of the design process for determining optimal
stator designs for given hydraulic operating points.

The design process begins with the specification of the impeller di-
mensions and the required mechanical air gap length δmech. For desired
operating points (Q and ∆p), the required rotation speed ω and pump
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type are determined from the Cordier diagram. For axial pumps, the
axis thrust Fax can now be estimated using equation (2.39). The torque
Tmot is determined under the assumption of a constant pump efficiency
of ηP = 40%.

Static FEM simulations can be used to determine passive stiffness
and torque constant for a wide range of stator geometries. As a result,
the required drive current idrv and the initialization value for the copper
losses Pcu can be calculated. The iron losses Pstat are estimated using
transient simulations and the Steinmetz formula from equation (2.33).

If the initial values of the losses are known, the motor temperature
and losses can be determined iteratively.

In addition to the above specified limitation by the axial stiffness, a
maximum temperature of ϑmax = 60 ◦C and a maximum current density
of jmax = 5 A/mm2 are predefined. The material chosen for stator is
M330-35A electrical sheet.

Design Space

For the temple motor, both the winding width wcu and the stator height
hstat are varied. For the slotless topology, the corresponding parameters
are the winding width wcu and the stator width wstat, respectively. For
both topologies, the inner and outer radius of the rotor is also varied.

To limit the number of parameters, the claw height (or the stator
height in the case of the slotless motor) is fixed to be the same as the
rotor height.

A list of the considered parameter space is given in Tab. 2.3.

Table 2.3: The parameter space used for the design process.

Parameter Variable Temple (mm) Slotless (mm)

rotor inner radius ri 2.5− 7.5 2.5− 7.5
rotor outer radius ra {5, 10} {5, 10}
rotor height hrot 2.5− 5 2.5− 5
mechanical airgap δmech 0.5 0.5
copper width wcu 0.6− 5 0.2− 7.5
stator height hstat hrot 10− 65
tooth height htooth − hrot
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Chapter 2. Bearingless Slice Motors

Pressure differences of 10 mmHg to 400 mmHg at a flow rate of
5 l/min are considered as operating points.

Evaluation

Pareto fronts between the motor efficiency ηmot and the hydraulic power
density ρhyd are calculated from the results of the design process. An
exemplary comparison of these Pareto fronts for the two pump types
and a slotless motor for the operating point of 5 l/min and 20 mmHg is
shown in Fig. 2.10.

Due to the limited axial stiffness of the magnetic bearing, the most
efficient designs cannot be implemented as axial pumps. This is because
the coil windings have to be wound through the air gap. A reduction
in the copper losses is only possible if the magnetic air gap δmag is
increased. However, this reduces the axial stiffness kz. In addition to
the axial stiffness, stator saturation also has a limiting effect. Therefore,
a minimum stator width must be maintained. This mainly limits the
achievable hydraulic power.

For the design space under consideration, the hydraulic power den-
sity is mainly limited by the saturation induction.
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Figure 2.10: A comparison of the Pareto fronts of the slotless motor, de-
signed as an axial pump (a) and as a radial pump (b) for the operating point
of 20 mmHg at a flow rate of 5 l/min. The colour coding reflects the copper
volume.
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2.5.5 Classification
To assess which motor topologies and pump types are best suited for
medical applications, the most efficient designs are compared. Fig. 2.11
illustrates the results for pressure differences between 10 and 400 mmHg
at a flow rate of 5 l/min.

10
Pressure Difference Δp / mmHg

0.5

0.6

0.7

0.8

0.9

1

0040010502

M
ot

or
 E

ffi
ci

en
cy

 η
m

ot
 /

 -

Pressure limit
for axial pumpslottet radial

slottet axial
slotless radial
slotless axial

Efficiency Penalty
due to Axial Thrust

Figure 2.11: The achievable motor efficiency of the slotted (black) and
slotless (blue) topology for operating pressures of 10 − 400 mmHg at a flow
rate of 5 l/min. The markers give the distinction between an axial and a
radial pump design.

A radial pump, driven by a slotless motor, is best suited for small
pressure differences. For the axial pump, the achievable efficiency is
limited by the axial thrust. No designs can be found for the dimensions
and materials investigated for which the efficiency of the axial pump
would exceed that of a radial pump.

With increasing pressure difference, the necessary torque increases.
Copper losses are rising accordingly. Already from a pressure difference
of approx. 30 mmHg, the slotted radial pump exceeds the efficiency
of the slotless topologies. Especially for pressure differences above
100 mmHg (typical operating point for VAD applications), the axial
stiffness of the bearingless motors is no longer sufficient to compensate
for the axial thrust. Accordingly, only radial pumps are suitable for
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extracorporeal applications.
Due to the higher motor efficiency, the expected higher hydraulic

efficiency, and the larger construction space above the rotor, a radial
pump with a slotted stator is designed for the following investigations.

2.6 Summary
The bearingless slice motor is a motor with a magnetically levitated
rotor. Due to the flat rotor design, three of the six degrees of freedom
are passively stable. For the considered motor topologies, the rotor
is diametrically magnetized and features a pole pair number of prot =
1. The bearing takes place via six electromagnets, which generate a
magnetic field with a pole pair number of pstat = 2. The phase angle of
the bearing current can be used to control the direction of the bearing
force. The drive is realized in the same magnetic iron circuit. A single-
pole-pair drive field generates the torque.

The examined topologies, namely the slotless and the slotted motor,
differ in the design of the stator. While the slotless stator consists of
a simple ring-shaped iron sheet stack, the slotted stator has L-shaped
stator claws. Due to its design, the slotless topology is better suited for
applications demanding high rotation speeds. The temple motor allows
the increase in winding space without reducing the axial stiffness and
is best suited for applications requiring higher torque.

The Cordier diagram was used to estimate the motor efficiency and
limits due to the limited axial stiffness, stator saturation, and current
density. Based on 3D FEM simulations and a simplified thermal model,
the most efficient design was determined for pumping applications. For
operating points with a volume flow of 5 l/min and a pressure difference
of more than 100 mmHg, the bearingless slice motor in temple design,
in combination with a radial impeller, is best suited.
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3
The Bearingless Centrifugal Pump

This chapter outlines the functioning principle of a bearingless centrifu-
gal pump. Starting with an overview of the individual system com-
ponents in Section 3.1, the functioning principle is then described in
Section 3.2. It is followed by a description of the most critical design
parameters and their influence on the characteristic curves of the pump
(Section 3.2.5).

The hydraulic forces acting on the rotor are of particular importance
for the bearingless centrifugal pump. Their origin and relationships are
explained in Section 3.4. Finally, the essential loss mechanisms are
pointed out and the hydraulic efficiencies are defined.

References [42] and [43], on which the following descriptions are
based, are recommended to the interested reader.

3.1 Structure and Components

Fig. 3.1 shows a cross-section of a bearingless centrifugal pump with a
temple motor. It consists of three main components: stator, impeller,
and pump casing. The stator, together with the rotor embedded in
the impeller, forms the bearingless slice motor. The rotor bearing and
drive take place through the wall of the pump head, as described in
Section 2.3. Therefore, the impeller can be positioned contact-free in
the centre of the pump, whereby it is completely surrounded by fluid.
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Figure 3.1: Sectional view of a bearingless centrifugal pump. Arrows in-
dicate the main flow directions. The pump consists of the pump head, the
impeller, and the bearingless stator. Additionally, there is a top view of the
open impeller.

3.1.1 Flow Path
The approximate flow directions inside the pump head are illustrated
in Fig. 3.1. The working fluid enters the pump head through the inlet
nozzle and then flows through the suction nozzle into the impeller blade
channel. The blades transfer the mechanical power to the fluid and
increase its total pressure.

The fluid finally flows out of the blade channel and into the volute.
The increased pressure causes the fluid to exit the pump head along the
outlet nozzle.

3.1.2 Components of the Pump Head
The tubular inlet area of the pump is called the suction nozzle. It feeds
the fluid to the impeller. After leaving the blade channel, the majority
of the volume flows into the volute and leaves the pump through the
pressure nozzle. The edge at the transition from the volute to the
pressure nozzle is called the tongue or spur.

The remaining volumes, which do not contribute to the actual pump-
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ing effect, are referred to as impeller sidewall gaps. These sidewall gaps
are of particular importance for the bearingless pump. Due to the con-
tactless positioning of the rotor, large gaps can occur, which cause a
high leakage flow. Usually, such leakage flows should be kept as low
as possible as they reduce the hydraulic efficiency of the pump. For
conveying shear-sensitive fluids, however, large bearing gaps result in
smaller shear forces. Thus, the increase in leakage has the desired side
effect of a gentler pumping.

In the following, a distinction is made between the individual im-
peller sidewall gaps. The circular area above the impeller, between the
impeller and the housing, is known as the shroud gap and the one below
the impeller as the hub gap. The narrow space between the rotor casing
and the housing cup is called the radial gap.

3.1.3 Components of the Impeller

Two sectional views of the impeller, in top and side view, are shown
in Fig. 3.2. The fluid enters the impeller axially through the inlet eye.
It is subsequently deflected in the radial direction and flows over the
leading edge into the blade channel. The blade surfaces are divided
into the pressure side and the suction side. The pressure surface faces
the direction of rotation. It is responsible for pressure generation and
power transmission from the impeller to the fluid. The suction side is
the surface facing away from the direction of rotation.

The fluid exits the blade channel at the trailing edge of the impeller.

The upper side of the blade channel is called the front shroud and
the underside is called the rear shroud. The cylinder encapsulating the
rotor magnet is called the hub.

For the bearingless pump considered below, there is a bore through
the supporting disc along the axis of rotation. It enables a pressure
equalization between the upper and lower side of the impeller. This
reduces the axial thrust. Furthermore, it increases the leakage through
the radial gap, thus increasing the washout of the bottom volume.
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Figure 3.2: Top (a) and side view (b) of the impeller. The speed triangles
are depicted at the inlet (subscript i) and the outlet (subscript a) of the blade
channel. Figure (a) is adapted from [40].

3.2 Operating Principle of the Centrifugal
Pump

The conversion from mechanical to hydraulic work takes place largely
in the blade channel of the impeller, which is schematically shown in
Fig. 3.2. In order to establish the connections between the impeller
design and energy transfer, in the following, the power balance is first
set up on the impeller and then linked to its geometric conditions using
the principle of angular momentum.

3.2.1 Power Balance
If a control volume consisting of the blade channel with the system
boundaries on the leading and trailing edges is observed (see Fig. 3.2),
then it has the internal energy E. This energy forms a state variable of
the control volume and consists of the movement and binding energies
of the molecules and nucleons. The internal energy can be changed by
supplying mechanical work W , heat Q, and mass flows ṁ across the
system boundary. According to the first law of thermodynamics, the
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following applies

dE
dt =

∫
∂V

(
Q̇+ Ẇ + ṁihtot,i − ṁahtot,a

)
dA. (3.1)

Here, htot is the specific enthalpy bound to the mass flow ṁ, flowing
across the system boundary into the control volume (index i), or out of
it (index a).

htot = e+ p

ρ
+ 1

2~v
2 + gz. (3.2)

For centrifugal pumps, Q̇ = 0 can be assumed to be a good approx-
imation, since the exchange of heat is mostly by advection and not by
heat conduction. A stationary process dE/dt = 0 is also assumed.

Under these conditions, the energy balance (3.1) simplifies to

∆htot = Pmech

ṁ
= ea − ei + pa − pi

ρfl
+ ~v2

a − ~v2
i

2 + g(za − zi), (3.3)

where the mass conservation ṁi = ṁa = ṁ was applied.
The change in internal energy e2− e1 of the fluid flowing across the

boundaries is caused by its heating due to friction losses in the blade
channel. These losses are considered as specific pressure losses ∆pV/ρfl.

The usable mechanical work at the system outlet is designated as
specific work

Y = ∆p
ρfl

+ ∆~v2

2 + g∆z. (3.4)

It is lower than the theoretical specific work by the amount of heat
losses

Yth = Y + ∆pV

ρfl
= ∆htot. (3.5)

3.2.2 Angular Momentum
A mass particle m, which moves in the blade channel at position ~r with
the absolute velocity ~v, has the angular momentum

~L = ~r ×m~v. (3.6)

Here, the conservation of the angular momentum applies

d~L
dt = ~r × ṁ~v = ~T . (3.7)
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In the equation above, ~T contains all torques acting on the mass particle
m. Therefore, the following applies to the entire blade channel

~Tbl = ṁbl (~ra × ~va − ~ri × ~vi) , (3.8)

whereby the total amount of mass flow passing through the blade chan-
nel must be entered for ṁbl.

If the velocity vector is divided into a tangential and a meridional
component ~v = vϕ~eϕ + vm~em, the Euler turbine equation

Yth = Tblω

ṁbl
= (ravϕ,a − rivϕ,i)ω (3.9)

is obtained. It must be mentioned that the torque Tbl acting on the
blade channel does not correspond to the total torque transmitted onto
the impeller. It is reduced by the sum of shear forces acting on the
impeller sidewalls.

The absolute velocities of the fluid ~v at the blade inlet and outlet
can be divided into a circumferential velocity ~u of the impeller and a
relative component ~w. The speed triangle applies

~v = ~u+ ~w. (3.10)

When inserted into equation (3.9), it results in

Yth = uavϕ,a − uivϕ,i. (3.11)

If equations (3.11) and (3.5) are combined, while neglecting the
friction losses and without increasing the position potential, it results
in

∆v2

2 + ∆u2

2 − ∆w2

2 = ∆v2

2 + ∆p
ρfl
. (3.12)

Consequently, the static pressure is generated by increasing the cen-
trifugal force and reducing the relative velocity.

This is applicable for any type of rotary pump. For centrifugal
pumps, both u and vϕ are usually increased from inlet to outlet. For
axial pumps, u remains almost unchanged. Energy is transmitted ex-
clusively by increasing the peripheral speed. The static pressure on the
outlet is generated solely by the deceleration of the fluid.
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3.2.3 Blade Blockage
If the flow in the blade channel follows the blade shape, the following
applies according to the velocity triangle

vϕ,th = u− vm
tan(βbl)

= ωr − Qbl

2πrhbl tan(βbl)
, (3.13)

where hbl is the blade height, Qbl the volume flow through the blade
channel, and βbl the blade angle. The volume flow Qbl consists of the
net flow and leakage

Qbl = Qnet +Qleak = Qnet

ηvol
. (3.14)

Therefore, the specific blade work depending on the impeller geome-
tries can be described as

Yth = (ωra)2 − ωεa
2πha tan(βbl,a) ·Qbl. (3.15)

It was simplistically assumed that the entering fluid has no swirl (vϕ,1 =
0) and that the blade channel is blocked by nbl blades, each with the
blade thickness tbl. This blockage is then taken into account by

εa = 2πra

2πra − nbltbl csc(βbl,a) > 1. (3.16)

Blade blockage always leads to a reduction of the cross-section in the
blade channel and, therefore, to an increase of the meridional velocity
component.

3.2.4 Flow Deflection
Due to the pressure difference between the suction and pressure sides
of the impeller blade, the fluid does not leave the impeller congruently
with the blades. It is deflected against the rotational speed of the
impeller ua. This leads to a reduction of the tangential component vϕ,a
according to

vϕ,ath − vϕ,a = (1− γ)ua, (3.17)
where the slip coefficient γ can be estimated by

γ = f1

(
1−

√
sin(βbl,a)n−0.7

bl

)
kW > 0 (3.18)
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if the number of blades is nbl > 3. For radial pumps, kW = 1 and
f1 = 0.98 can be assumed [40].

Since the flow deflection reduces the tangential speed vϕ,a of the
fluid, the achievable specific work is also reduced.

Consequently, the maximum specific work can be estimated by

Yth = γ(ωra)2 − ωεa
2πha tan(βbl,a) ·

Qnet

ηvol
. (3.19)

3.2.5 Relationship between the Design Parameters
It is now possible to determine how the pump characteristic curve
changes by adjusting the impeller geometry. The following consider-
ations are based on equation (3.19) and thus neglect any friction losses
in the blade channel. Also, only blade angles βbl,a ≤ π/2 are considered,
because otherwise, the characteristic curve shows a positive gradient,
which can lead to unstable operating points.

Under these conditions, equation (3.19) represents a linear equation
with the ordinate and abscissa intercepts

Yth,max = γ(ωra)2 and (3.20)

Qnet,max = 2πηvol
γ

εa
tan(βbl,a)haωr

2
a. (3.21)

From this, the following conclusions can be drawn:

1. The maximum pressure head can only be influenced by the cir-
cumferential speed ωra and the slip. It scales quadratically with
the circumferential speed and linearly with the slip coefficient γ.

2. For βbl,a = 90◦, the pressure head is independent of the flow rate.

3. For βbl,a < 90◦ the pressure head drops linearly with the flow
rate.

4. Greater blade heights ha lead to a flatter characteristic curve and
increase the maximum achievable flow rate.

5. Without slip, ha and tan(βbl,a) have the same effect on the char-
acteristic curve. However, the slip is only influenced by βbl,a.

6. With increasing the outlet angle βbl,a, the slip increases. This
reduces the specific work. At the same time, the maximum flow
rate increases and the characteristic curve becomes flatter.
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7. The increase in the rotational speed ω leads to steeper character-
istic curves. Both pressure and flow are increased.

8. An increase in the blade radius ra leads to a parallel shift of the
characteristic curve, towards higher output powers.

9. The slip coefficient γ has the same impact as r2
a.

10. Higher blade numbers nbl lead to an increase in the slip coefficient
γ and therefore less slip. If the blockage is kept constant, the
deliverable pressure head increases and the characteristic curve is
shifted parallel. If the blade thickness tbl is kept constant, the
characteristic curve becomes steeper.

11. A higher blockage (smaller εa) increases the gradient of the char-
acteristic curve and reduces the maximum flow rate.

12. With increasing volumetric efficiency ηvol, the gradient of the
characteristic curve decreases.

3.3 Losses
The previous considerations were based on a flow without losses. How-
ever, due to viscosity of the fluid, losses that cannot be neglected occur
in the boundary layers. The fluid flowing back via the impeller sidewall
gaps also leads to a reduction in the usable nozzle work, since the blade
channel has to convey a larger volume flow than the one arriving at the
nozzle.

The essential loss mechanisms and their influence on the character-
istic curve are schematically depicted in Fig. 3.3 and described in the
following.

3.3.1 Loss Components
Since no mechanical bearing losses occur in the bearingless pump, the
entire mechanical work Pmech is transferred directly to the impeller.
The impeller rotates in a viscous fluid. As a result, friction losses PV,R
occur on the impeller sidewalls. The remaining power Pbl = ηRPmech
is transferred to the blade channel. In the blade channel, this power is
transferred to the mass flow ṁbl = ρQbl.
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Figure 3.3: Schematic representation of the pump losses (a) and the char-
acteristic curve (b).

A part of the fluid, conveyed by the impeller blades, flows through
the impeller sidewall gaps back to the inlet eye. Specific blade work
is also transferred to this leakage flow Qleak, which, however, does not
reach the pressure nozzle. Such losses are taken into account by the
volumetric efficiency

ηvol = Qnet

Qbl
= Qnet

Qnet +Qleak
. (3.22)

All friction and turbulence losses that occur between the inlet and
discharge nozzles lead to the reduction in the implemented hydraulic
power and are taken into account via the hydraulic efficiency ηhyd. For
the usable nozzle work, it follows

P = ρQnetηhydYth = ηhydηvolηRPmech. (3.23)

The losses lead to the heating of the fluid. Due to the usually
high throughput of the pump, a large part of the heat is dissipated by
convection via the useful volume flow. The walls of the pump head can
thus be assumed to be adiabatic.

In the following, the loss mechanisms are described in more detail.
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3.3.2 Impeller Sidewall Losses

Losses on the impeller sidewalls occur due to viscous friction both on
the hub and shroud discs, as well as on the lateral surface. The total
impeller sidewall losses can be obtained as a sum of the individual
surfaces

PV,R = PR,M + PR,H + PR,S. (3.24)

For very low rotational speeds, the flows are directed in the circum-
ferential direction and shear forces acting on the impeller sidewalls can
be calculated analytically. However, for bearingless centrifugal pumps,
the rotational speeds are significantly higher and the wall shear stresses
must be estimated using the empirically determined loss coefficient cv.

The losses on the two cover surfaces and on the lateral surface are
calculated according to (valid for Re > 10, [38])

PR,M = cv,Mρflω
3r4

ahM, (3.25)
PR,SH = cv,SHρflω

3 (r5
a − r5

i
)
, (3.26)

where hM is the height of the lateral surface.
The loss coefficient cv strongly depends on the dominant Reynolds

number Re = ρflωr
2
a/µfl. For hydraulically smooth surfaces, it can be

estimated according to [40] as follows.
The friction coefficient for the lateral surface is given by

cv,M = 2πra

Reδfl
+ 0.075
Re0.2 ·

2(ra + δfl)
2ra + δfl

. (3.27)

For δfl � ra, the losses on the lateral surface AM can be approximated
by

PR,M ≈
µfl

δfl
u2

aAM. (3.28)

For the losses caused by the disc surfaces, a distinction must be made
between laminar and turbulent flows. Turbulent flow conditions are to
be expected for the bearingless centrifugal pump. Furthermore, it must
be distinguished whether the two boundary layers on the housing and
on the impeller are combined or formed separately (with a viscosity-free
core flow in between them).
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The following applies to the corresponding friction coefficients:

cv,SH = 0.02
Re0.25

(
ra

δax

)1/6
combined boundary layers, (3.29)

cv,SH = 0.0255
Re0.2

(
δax

ra

)1/10
separated boundary layers. (3.30)

As long as the boundary layers are separated, the friction losses are
reduced if the axial distance δax is reduced. As soon as the boundary
layers are unified, the friction is increased with decreasing distance.

3.3.3 Leakage Losses
The leakage flow circulates through the impeller sidewall gaps between
the blade outlet and the blade inlet. The specific blade work Ybl that
is transferred to the leakage flow dissipates along the trajectory due to
friction and turbulence. The following applies to the losses

PV,leak = ρflQleakYbl = ρfl

(
1
ηvol
− 1
)
QnetYbl. (3.31)

Measurements or simulations must be used to determine the leakage
flow Qleak.

To obtain an estimation of the influence of the operating point on the
leakage losses, the flow through a ring gap is considered. The relation
between the leakage flow and the pressure drop across the gap is given
by [44]

Qleak,sp = µflAsp

√
2∆p
ρfl

, (3.32)

where ∆p is the pressure drop over the considered route and Asp the
cross-section of its area.

In the bearingless centrifugal pump, the leakage flow always takes
place between the outlet and inlet of the blade channel. The driving
pressure difference thus corresponds to the pressure difference across
the impeller channel ∆pbl. According to equation (3.19), this can be
described as a linear function of the blade flow rate Qbl. For the ratio
of leakage losses to blade power, the following applies approximately

PV,leak

Pbl
≈ µflAsp

√
2
ρfl

√
c1 − c2Qbl

Qbl
. (3.33)
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Thus the leakage losses are particularly significant at low flow rates.
For a blade angle of βa,bl = 90◦, the pressure difference across the
impeller channel is independent of the flow rate and c2 = 0 applies.
This means that the leakage losses along the characteristic curve remain
constant for a 90◦ blade angle, at least theoretically.

3.3.4 Hydraulic Losses
The hydraulic losses include all friction and turbulence losses, which
are attributable to the useful volume flow Qnet.

The friction losses lead to a reduction of the specific blade work by

Yhyd,R = 1
2ξw

2, (3.34)

where the loss coefficient ξ is to be determined by measurements.
The turbulence losses are caused by the incorrect inflow to the im-

peller blades at underload and overload. The misalignment between the
incoming flow and the blade angle causes a shock. If Qst is the volume
flow leading to a shock-free stream, the reduction in specific blade work
can be described as [44,45]

Yhyd,st ∝
(

1− Qbl

Qst

)2
. (3.35)

These losses are increased quadratically with the increase in distance
to the shock-free flow rate Qst. The curves of these two loss components
are drawn as dashed lines in Fig. 3.3(b).

Due to the complex flow conditions inside the bearingless pump,
simulations are used in this work.

3.4 Hydraulic Forces
As a result of uneven pressure distribution within the pump, forces on
the impeller occur, which must be compensated by the bearing. These
forces can be partially balanced or at least reduced by suitable design
measures. Radial and axial forces are of particular importance here.

The magnetic bearing can actively compensate for the radial forces
if the magnitude and frequency of these forces are limited to controllable
values. As a result of the uneven pressure distribution along the volute
circumference, only increased bearing losses are to be expected.
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The passive axial bearing, on the other hand, requires that the max-
imum bearing force Fmax,bng,z and thus the permitted deflection δzmax
are not exceeded. Since the axial bearing force cannot be controlled,
special attention must be paid to the axial thrust during the impeller
design.

3.4.1 Radial Forces
The radial forces acting on the impeller originate from two sources. On
one hand, the pressure distribution in the volute has a minimum of
static pressure near the discharge nozzle, as the fluid flows out of the
pump housing there. The maximum pressure usually occurs near the
volute tongue. The distribution can be described by the Fourier series

pstat(ϕ) =
∑
k

p̂stat,k cos(kϕ− θstat,k). (3.36)

On the other hand, the rotating impeller causes pressure maxima at
the trailing edges. This generates an nbl-pole pressure distribution in
the stator, which rotates at the rotor frequency ω (blade resonance)

prot(ϕ, t) =
∑
k

p̂rot,k cos (knbl(ϕ− ωt)− θbl,k) . (3.37)

Static Radial Forces

The pressure field in the volute has a static component, which at the
same time corresponds to the pressure distribution caused by the volute
shape pstat(ϕ). If pressure is integrated along the rotor circumference,
the stationary radial force acting on the impeller is obtained. It is
strongly dependent on the flow coefficient

φ = Q

2πrahaua
(3.38)

and the volute design.
According to [40], the following applies

Fr = kr(φ)ρflω
2
ar

3
aha, (3.39)

where the force coefficient kr is to be determined from experiments.
Fig. 3.4(a) depicts the radial force as a function of the flow rate Q for
the tests from [46].
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Figure 3.4: Flow rate dependence of the static radial force for different
volute shapes (a) and the verification of the bearing force in bearingless radial
pumps with annular housing (b). Graphic (a) adapted from [43].

For spiral shaped volutes (dashed lines), the minimum coefficient
is reached in the area of the optimum flow rate. However, if the flow
deviates from the ideal conditions, the coefficient rises rapidly due to
flow disturbances at the tongue.

A simple annular housing (solid lines) causes a higher radial force
at the nominal operating point, but exhibits lower dependency on the
operating point. Especially when operating against a closed valve (Q =
0), it causes a significantly lower radial force, since the fluid can circulate
freely in the volute.

The typical radial force curve for annular housings could be con-
firmed for the bearingless centrifugal pump (see Fig. 3.4(b)).

Impeller-Volute Interaction

The pressure pulsations of the impeller act as a source of a pressure wave
that moves into the volute and reflects on its walls. This leads to the
interference between volute and impeller [42]. The resulting pressure
distribution can be described as

p(ϕ, t) =
∑
k

p̂k cos(knbl(ϕ− ωt)− θstat,k)︸ ︷︷ ︸
Blade Shape

cos(kϕ− θstat,k)︸ ︷︷ ︸
Volute Shape

. (3.40)

The amplitude depends strongly on the distance between the im-
peller outlet and the interference object (in this case, the volute wall).
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The higher the spacing, the more the pressure waves are damped, and
the smaller the acting forces become [42].

The resulting force can excite tilt movements of the impeller. An
annular volute is better suited to avoid this. Except for the discharge
area, the annular volute has no geometric deviation from a circle. The
pressure distribution, according to equation (3.40), thus rotates with
the rotor frequency and generates hardly any harmonics. From a rotor-
oriented coordinate system, forces that act on the impeller are almost
stationary. Tilting movements are thus only slightly induced.

Due to occurrence of turbulence, the true pressure distribution de-
viates somewhat from previous considerations. Therefore, the stability
against tilting movements must be tested experimentally.

3.4.2 Axial Forces
There are fluid-filled side chambers above and below the impeller shroud
and hub, respectively. Normally, the flows in these spaces are turbu-
lent and the boundary layers of the rotor and the housing wall can be
assumed to be separate. If the leakage flow is neglected, fluid parti-
cles in these side spaces move on circular paths due to the rotation of
the impeller. Accordingly, a pressure gradient is formed in the radial
direction.

ρfl
u2
ϕ

r
= ∂p

∂r
(3.41)

For constant rotational speeds, the pressure at the inner radius ri is
smallest and increases quadratically with the radius. According to [42],
the pressure distribution can be described by

p(r) = ρfl(kω)2x
2

2

∣∣∣∣r
x=ri

+ p(ri), (3.42)

where the relative velocity between the core flow and the circumferential
speed of the impeller is taken into account via the factor k = vϕ/u.

Through the integration of the pressure profile on the shroud and
hub discs, the acting force is finally obtained by

Fax,SH =
∫ ra

r=ri

2πrp(r) dr. (3.43)

However, if a leakage flow is present, it conveys a constant angu-
lar momentum into the control volume thus influencing the pressure
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distribution. Due to the pressure gradient pointing radially outwards,
the mass flow moves from the trailing edges back to the centre of the
impeller. The angular momentum of each mass particle is conserved.
Therefore, the tangential velocity of the sidewall flow increases with de-
creasing radius. According to energy conservation, the radial pressure
gradient decreases. Since usually the leakage flow through the front
shroud gap is larger than the flow along the hub sidewall gap, the axial
force tends to point towards the inlet nozzle.

In addition to the described force, the rotor experiences a force in
opposite direction of the incoming flow, due to the impulse deflection

ṗ = dm
dt vz +m

dvz
dt . (3.44)

For a stationary flow and complete redirection, the following applies

Fax,ṁ = −ṁvz,i. (3.45)

To be able to fully compensate the axial thrust, the front shroud
and hub disc surfaces should be designed in such a way that

Fax,ṁ + Fax,H + Fax,S = 0. (3.46)

With the same leakage flow across the front shroud gap and along
the hub gaps, the washout hole in the impeller centre should be slightly
smaller than the inlet eye diameter. However, for the bearingless cen-
trifugal pump the leakage across the shroud disc is larger than the one
along the hub disc. For the same shroud and hub disc areas, the re-
sulting force caused by the pressure distribution is directed towards the
shroud. Thus, it partly compensates the impulse force.

However, as real pressure distribution varies along the circumference
within the impeller sidewall gaps, the above considerations apply only
approximately. Therefore, the dimension of the washout hole must be
determined experimentally. For the prototypes examined later, equally
large disc surfaces proved to be suitable.
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4
Blood Damage

This chapter provides the knowledge necessary to understand the dam-
age mechanisms of blood in centrifugal pumps. In addition to the fluid-
mechanical properties of blood, results from in vitro investigations are
gathered, and the most critical factors influencing blood damage are
highlighted (Section 4.1 and Section 4.2). Based on the in vitro experi-
ments, mathematical models which were developed by different authors,
are used to simulate haemolysis in medical devices. Implementation
possibilities of such models in CFD simulations and the encountered
difficulties are presented in Section 4.3.

4.1 Blood as Fluid
4.1.1 Components
Human blood consists of 55 %vol of an aqueous solution (blood plasma)
and 45 %vol of cellular components, by volume. About 98 %vol of the
solid components by volume are taken up by the red blood cells (RBC)
or erythrocytes. The thrombocytes and leukocytes make up only 1 −
2 %vol.

The volume fraction of RBC related to the total blood volume is
called haematocrit (Ht). It can be determined by centrifugation, with
RBCs settling on the ground.

RBCs, in turn, consist of a cell membrane and are filled with a
solution saturated with haemoglobin (Hb). This solution contains 32 %
haemoglobin and 65 % water by weight, as well as inorganic elements
such as potassium, sodium, magnesium, and calcium [47]. Haemoglobin
plays a vital role in gas transportation within the bloodstream.

51



Chapter 4. Blood Damage

A detailed list of the components is given in Tab. 4.1.

Table 4.1: Summary of blood components and their indicators according
to [47]. Here, σ is the volume concentration related to whole blood, V is the
volume, and C is the particle density related to whole blood.

Component Erythrocytes Leucocytes Thrombocytes

Function gas transport immune system hemostasis
Shape biconcave disc spheric oval
σ (%vol) [48] 36-50 < 1 < 1
Mass (µm) 8× 1− 3 7 - 22 2-4
V (µm3) 98 180-5600 6
C (103/µl) 4− 6 · 103 4− 11 250− 500
Life Time (d) 100− 120 ≈ 10 [49] 5− 11
Content water 65%

hemoglobin 32%
K, Na, Mg, Ca

Erythrocytes

Due to their size and quantity, RBCs have a large influence on the
fluidic behaviour of blood [47]. As will be explained later, RBCs are
also suitable for determining the degree of blood damage. Therefore,
the erythrocytes are here described in more detail.

Fig. 4.1(a) depicts a human RBC with its typical dimensions. It has
a biconcave disc shape with a diameter in the range of 7 − 9µm. The
height is between 2.3− 2.9µm.

The biconcave shape creates a high surface to volume ratio, which
is essential for gas transport. This ensures high deformability, allowing
the RBC to pass through capillaries of 6µm in diameter [50].

The mass density of RBCs is ρRBC = 1.085 − 1.115 g/cm3. They
are thus only slightly heavier than blood plasma (ρP = 1.03 g/cm3)
[47]. The haemoglobin content of a blood cell is about 3.45 · 10−8 mg.
The haemoglobin concentration in whole blood of a healthy human is
between 14.0− 17.5 g/dl for men and 12.3− 15.3 g/dl for women [48].
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(a) (b)

Figure 4.1: Representation of a human RBC with the main dimensions
(a). Dependence of viscosity on the effective shear rate (b). The difference
between NP and NA is due to the formation of rouleaux. Images taken
from [51] and [52].

4.1.2 Fluidic Properties
As described above, blood is a suspension in which the fluid (plasma) ex-
hibits a Newtonian behaviour. The non-Newtonian properties of blood
are caused by RBCs [53, 54]. Since RBCs form stacks when at rest
(rouleaux formation), which separate when the shear rate γ̇ increases
(see Fig. 4.2), blood has a shear-thinning property [47].

The relative viscosity µ can be described by the Carreau-Yasuda
model [53]

µ(γ̇) = µ∞ + µ0 − µ∞
(1 + (λγ̇)b)a

, (4.1)

with the parameter values

µ0 = 1.6 · 10−1 Pa · s (4.2)
µ∞ = 3.5 · 10−3 Pa · s (4.3)
a = 1.23, b = 0.64, λ = 8.2 s. (4.4)

The viscosity has the highest value µ0 at an unloaded state, de-
creases towards higher shear rates, and converges to µ∞. As illustrated
in Fig. 4.1(b), this behaviour is due to rouleaux formation and the de-
formability of RBC.
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Blood can, therefore, be considered as a Newtonian fluid if the shear
rate is sufficiently high. However, the threshold above which this as-
sumption is justified varies widely in the literature. Thus, values be-
tween 50 s−1 and 5000 s−1 are mentioned [55,56].

For the flow in turbomachinery, the assumption of a constant vis-
cosity is permissible. Typical values are µ ≈ 3.5 mPas and a density of
1060 kg/m3 [55, 56].

4.2 Haemolysis

Haemolysis is a disaggregation of RBCs whereby the hemoglobin (Hb)
contained in the cells leaks from the membrane and is diluted in the
surrounding plasma. Hemoglobin dissolved in the plasma is called the
plasma-free haemoglobin Hb,pf .

The degree of haemolysis is also measured via the Hb,pf . For this
purpose, the haemolysis index HI is usually defined as

HI = Hb,pf

Hb
, (4.5)

which represents the number of destroyed RBCs related to the total
count.

Haemolysis can be caused by aging of red blood cells, high osmotic
pressure differences, and mechanical effects on the RBC membranes.
Certain cell destruction is always present in the bloodstream since the
lifespan of RBC is only about 120 days. They are then decomposed in
bone marrow, liver, and spleen [49].

During the mechanical circulation of blood, RBCs are exposed to
higher stress, which partly results in a greatly increased cell damage.

A plasma-free haemoglobin value above Hb > 20 mg/dl is referred
to as haemolysis [57]. An anaemia ensues if the haemolysis exceeds the
bodys formation of new RBCs. The average new formation (erythro-
poiesis) is 160 · 106 RBC/min [49].

For the development of a cell-preserving pump, the dependence of
the cell damage on the shear forces, the surface quality, and the pres-
sure are of particular importance. These influential parameters will be
discussed in more detail below.
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4.2.1 Shear Forces
As displayed in Fig. 4.3, the shear forces influence the shape of the RBC
membrane. At low shear rates, the rouleaux break apart into separate
RBCs. With a further increase of the shear rate to γ̇ = 1.15 s−1, RBCs
start to wobble and from 2.3 s−1 to align themselves in the stream
direction. From 11.5 s−1 on, they finally deform elliptically. With a
further increase in the shear rate, the membrane begins to rotate around
the haemoglobin inside (tank-treading) [54]. Finally, the membrane is
damaged, and haemoglobin leaks into the plasma (haemolysis).

Figure 4.2: Change of the shape of RBC as a function of the shear rate.
Image taken from [53].

The extent to which haemolysis occurs depends not only on the
shear force, but also on the time during which the RBCs are exposed
to these forces.

Shear Threshold

Similar to the tensile strength in mechanical tensile tests, there is also a
threshold value of the shear stress τth, up to which the RBC membrane
deformation is reversible. If this value is exceeded, the cell membrane
gets irreversibly damaged or destroyed.

Many authors have conducted studies under constant shear loads to
determine this value [58–66]. It turns out that the threshold value is
time-dependent according to [67,68]

τth[Pa] = 88.905 · texp[s]−0.3372
. (4.6)

Here, texp is the residence time of RBC under the constant shear stresses.
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Leverett suspected that haemolysis at τ > τth was due to shear stress
and at τ < τth was due to interactions between RBC and surfaces (see
Fig. 4.3(a)). He already determined a time dependence of haemolysis
in the range of high shear forces [64].
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(a) Leverett’s theory that the process
of cell damage can be divided into two
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(b) Dependence of the shear-induced
haemolysis on the shear stress τ and
residence time texp.

Figure 4.3: Threshold values of the shear stress that leads to cell destruction
and its time dependence. Illustrations adapted from [64] and [65].

Further studies with residence times in the range of 25 − 1250 ms
were conducted by Paul [65]. Experiments with constant shear forces
were carried out in the range of τ ∈ [30, 450]Pa. As pointed out in
Fig. 4.3(b), threshold values of τth = 425 Pa and texp = 620 ms were
determined.

At an exposure time of 620 ms, according to equation (4.6), the oc-
currence of haemolysis would already be expected at approx. 100 Pa.
This illustrates that the prediction of the threshold is inaccurate and
should only be used to estimate the threshold value in orders of mag-
nitude.

Shear-Induced Haemolysis

For the haemolysis caused by shear forces, based on experimental data
of Wurzinger et al. [69], the power law model was finally derived by
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Giersiepen et al. [70]

∆Hb,pf

Hb
= chemtexp[s]ατ [Pa]β = 3.62 ·10−7 · texp[s]0.785

τ [Pa]2.416
. (4.7)

The exponent α < 1 is explained by a hardening of the cell membrane
[71].

The experiments were all performed using a Couette viscometer in
the ranges τ ∈ [57, 255] Pa and texp ∈ [7, 700] ms. According to the
author, the mathematical model exhibits an error of less than 5% in
the range texp < 0.1 s and less than 12% in the range texp > 0.1 s.

Generalisation

Equation (4.7) only represents the observations of cell damage after texp
for the case of a constant shear force τ . Therefore, for the haemolysis
rate f(τ, t), the following applies

∆Hb,pf

Hb
(τ, texp) = chemtexp[s]ατ [Pa]β =

texp∫
0

f(τ, t) dt. (4.8)

Since the shear loads in the experiments were not time-dependent, this
is fulfilled by

f(τ, t) = αchemt[s]α−1
τ [Pa]β . (4.9)

However, if the shear load is time-dependent, τ = τ(t), as is the
case with a centrifugal pump, the above equation no longer applies.
The available experiment data cannot be used to determine the desired
primitive function f(τ(t), t). Therefore, it cannot be assumed that the
use of equation (4.9) leads to correct predictions of the haemolysis rate
in complex flows with time-dependent shear loads.

Nevertheless, this model is often used in CFD simulations. Probably
because of its simplicity and the lack of better alternatives.

4.2.2 Static Pressure
Another cause of cell damage is the pressure exerted on the cell mem-
brane. Several studies conclude that cell damage occurs when exposed
to negative pressure. Since this effect only appears with simultane-
ous air enclosure and bubble formation, it can be assumed that local
cavitation is responsible for cell destruction [72–75].
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Cell damage due to increased static pressure alone could not be
proven [72, 73, 76]. However, if the increased static pressure occurs in
combination with shear rates above γ̇ > 500 s−1, haemolysis is stronger
than under normal atmospheric conditions [77].

Studies on centrifugal pumps show that haemolysis increases more
than linearly with the pressure difference [78, 79]. However, since the
pressure difference increases quadratically with the circumferential speed
u and thus approximately also the shear forces τ , it is expected, accord-
ing to equation (4.7), that haemolysis scales with

HI ∝ τ [Pa]2.4 ∝ ∆p[Pa]1.2. (4.10)

However, the results from [80] indicate that there is a higher depen-
dency. Is not clear from this study to what extent the increased static
pressure within the pump leads to this additional haemolysis.

4.2.3 Surface Roughness
According to Fig. 4.3(a), cell damage in the range of low shear rates is
mainly caused by surface effects and can be attributed to the surface
roughness of the contacting surfaces [81–84].

Investigations were carried out using rotational shear equipment to
determine the threshold value of surface quality below which no measur-
able haemolysis takes place. However, the threshold values in literature
vary widely between authors. For example, Maruyama et al. mention
a value between Ra = 0.4µm and 0.8µm [83, 84]. On the other hand,
Monroe et al. assume a much higher threshold of about Ra = 4µm [82].
These studies were carried out under atmospheric pressure.

Takami et al. investigated the influence of rough surfaces in centrifu-
gal pumps. A smooth surface is particularly important for applications
with increased pressure differences [85,86]. The surface of the impeller
seems to be less critical than that of the casing. Tests with additively
manufactured impellers also indicate that importance of surface quality
increases with increasing pressure difference [87].

4.3 CFD Simulations of Haemolysis
Based on the experimentally observed dependence of haemolysis on
shear force and residence time, models that can be implemented in
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CFD simulations were derived. However, the high variation of the ex-
perimental results led to the development of several models over the
years. Only a few of these are presented in the following. The work of
Yu et al. [88] is recommended to the interested reader.

Due to the complex process of cell damage, this is still only under-
stood to a limited extent. Besides, the flow conditions in centrifugal
pumps are far more complicated than in the experimental setups on
whose data the haemolysis models were derived. Accordingly, it is not
surprising that the results of such CFD simulations deviate strongly
from in vitro tests [89,90].

It is by no means to be assumed that simulations lead to the correct
prediction of haemolysis. Nevertheless, important aspects of cell dam-
age can be qualitatively assessed. This can provide helpful information
about the critical regions in the pump.

4.3.1 Model Approaches
The most common haemolysis models are all based on finding by Gier-
siepen et al. [70] that the haemolysis rate is due to shear forces and
loading time. The following relation applies

∆Hb,pf

Hb
= chemtexp[s]ατ [Pa]β . (4.11)

The choice of parameters depends on the blood used and shows high
variance in the literature. A selection is given in Tab. 4.2.

For example, the parameter chem shows differences of more than one
order of magnitude. The exponent of the exposure time is also subject
to variations, but it is always α < 1, although a linear time dependence
was assumed in the original data [58].

It is known that the original model overestimated haemolysis in the
range of one order of magnitude. It is, therefore, recommended to adjust
the parameter chem [89].

4.3.2 Lagrangian and Eulerian Formulation
A frequently used method to incorporate the haemolysis model into a
CFD simulation is based on particle tracking algorithms (Lagrangian
formulation). The flow field is first calculated and the damage rate
is then integrated along the particle trajectories. The advantage of
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Table 4.2: Parameter selection of different authors for the power law model
of Giersiepen et al. [70].

chem α β Author

1.210 · 10−7 0.7470 2.0040 Taskin [56]
3.620 · 10−7 0.7850 2.4160 Giersiepen [70,91,92]
1.508 · 10−8 0.7850 2.4160 Goubergrits [68]
1.800 · 10−8 0.7650 1.9910 Heuser [62,93]
1.228 · 10−7 0.6606 1.9918 Zhang [94]
1.745 · 10−8 0.7762 1.963 Fraser [95]

this approach is that cell destruction can be calculated independently
of the Navier-Stokes equations in a post-processing step. The problem,
however, is that a finite number of particles must be inserted. They flow
only through a part of the entire flow field. Leakage flows, in particular,
are hardly covered, although it is to be expected that a large part of
the haemolysis takes place in the sidewall gaps.

Alternatively, an Eulerian formulation can be derived. For the power
law, one such formulation is presented in [96]. It has the advantage that
cell destruction is represented by a scalar field. Thus, a haemolysis rate
can be assigned to each position within the flow field. The additional
transport equations to be solved significantly increase the required com-
puting power.

4.3.3 Implementation of an Eulerian Model
Several approaches have been proposed for the implementation of an
Eulerian haemolysis model. The Single-Stage and Double-Stage models
are presented below.

Single-Stage Model

The most frequently implemented haemolysis model is presented in [97].
The haemolysis rate is modeled with a single transport equation. The
implementation effort and the required computational power are thus
kept low.
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4.3. CFD Simulations of Haemolysis

To take into account the non-linear relationship of haemolysis with
the residence time, a new damage variable HL is introduced as

HI = HLα. (4.12)

Accordingly, the following applies to the power law model from equa-
tion (4.7)

HLα =
[
(chemτ [Pa]β)1/αt[s]

]α
. (4.13)

The term in square brackets depends linearly on time and can be
formulated as a transport equation

∂HL

∂t
+ (~v · ∇)HL = SHL (4.14)

SHL = (chemτ [Pa]β)1/α. (4.15)

When solved with a CFD solver, the haemolysis index HI can finally
be calculated using equation (4.12).

Alternatively, the amount of already destroyed cells can also be con-
sidered by applying the source term SHL only to the still vital cells. The
result is the transport equation

∂HL

∂t
+ (~v · ∇)HL = (chemτ [Pa]β)1/α(1−HL). (4.16)

For cell-friendly pumps, as considered in this paper, the degree of dam-
age is so low that these two equations can be regarded as identical.

The source term in equation (4.14) is not time-dependent. Conse-
quently, the model lacks any information about the load history of the
cell. Hardening of the cell membrane is simply ignored.

Double-Stage Model

An additional transport equation can be introduced to take into account
the residence time or the loading history of a cell in the finite volume
under consideration. For this purpose, either the total residence time
ψ or a haemolysis-dose Db can be applied, which leads to the two
equations

∂ψ

∂t
+ (~v · ∇)ψ = 1 and (4.17)

∂Db

∂t
+ (~v · ∇)Db = τ [Pa]β/α. (4.18)
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The formulation based on a haemolysis-dose is according to [98].
These two transport equations accumulate the residence time or load

dose of a particle along its trajectory. The locally generated haemolysis
can thus be weighted according to the history of the cell. The result is
the transport equation

∂HI

∂t
+ (~v · ∇)HI = SHI, (4.19)

with the respective source terms

SHI,Ψ = αchemψ
α−1τ [Pa]β and (4.20)

SHI,Db = αchemD
α−1
b τ [Pa]β/α. (4.21)

In contrast to the single-stage model, membrane hardening is thereby
taken into account. However, the additional transport equation in-
creases the computing effort.

Threshold Implementation

In addition, constant threshold values for the shear force that lead to
cell damage can be defined for all models. For this purpose, a weighting
function for the source term of the haemolysis is added.

If the load history of the cell damage is implemented by equation
(4.17), time dependence of the threshold value can be implemented
according to

τth[Pa] = 88.905 · ψ[s]−0.3372
. (4.22)

A physically more reasonable definition of the threshold value should
be based on the loading dose. However, necessary studies and data are
not available.

4.3.4 Equivalent Shear Stress
In the above considerations, a one-dimensional shear stress τ was al-
ways assumed. Flow condition within a pump, however, is much more
complicated than for one-dimensional, directed flows. Accordingly, the
stress state of the fluid must be described by a tensor σ, which is derived
from the velocity field and the viscosity.

In order to estimate the cell damage with the above models, the
three-dimensional stress state must then be converted to a scalar equiv-
alent using invariants.
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4.3. CFD Simulations of Haemolysis

In the following, the relationship between the velocity field ~v and
the stress tensors σ and τ is described and possible equivalent stresses
are presented. The following description is based on the book by Kundu
et al. [99], in which the interested reader can find further and generally
valid considerations.

Stress Tensor

The velocity gradient ∇~v can be used to describe the relative motion of
neighbouring particles. It can be divided into a symmetric component
S and a rotational component R

∇~v = Sij + 1
2Rij , (4.23)

where

Sij = 1
2
(
∇~v + (∇~v)T

)
(4.24)

Rij =
(
∇~v − (∇~v)T

)
. (4.25)

The symmetric strain rate tensor S can be expressed in component
notation as

Sij = 1
2

(
∂vi
∂xj

+ ∂vj
∂xi

)
= Sji. (4.26)

In general, the following applies to the stress tensor of a moving,
incompressible fluid

σij = −pδij + τij , (4.27)

where p is the fluid-static stress and τij the fluid-dynamic stress. The
shear stress tensor τij is referred to as the deviatoric stress tensor. Only
the symmetrical part of ∇~v, Sij , contributes to this tensor.

For a linear, isotropic material, the relationship between the shear
stress tensor and the strain tensor is given by

τij = KijmnSmn, (4.28)

where the elasticity tensor (fourth order tensor) is given by

Kijmn = λδijδmn + 2µδimδjn. (4.29)

Here, λ and µ represent the Lamé constant and the shear modulus,
respectively.
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Chapter 4. Blood Damage

Therefore, the following applies to the shear stress tensor

τij = λδijSmm + 2µSij . (4.30)

Since for an incompressible fluid the following applies

Smm = ∇ · ~v = 0. (4.31)

The shear stress tensor then simplifies to

τij = 2µSij . (4.32)

Equivalent Shear Stress

Since the in vitro experiments to determine cell damage were carried out
with one-dimensional shear loads, the tensor obtained by simulations
must be converted to an equivalent, scalar shear stress. This can be
done using the invariants of the deviatoric stress tensor τ .

Usually, the first,

Iτ = tr(τ) = τ11 + τ22 + τ33, (4.33)

or second main invariants,

IIτ = 1
2
(
tr(τ)2 − tr(τ2)

)
(4.34)

= τ11τ22 + τ22τ33 + τ11τ33 − τ2
12 − τ2

23 − τ2
13, (4.35)

are used. However, these can be combined, resulting in further invari-
ants, such as

tr(τ2) = I2
τ − 2IIτ . (4.36)

Since the deviatory stress tensor is symmetrical (τ = τT ), this corre-
sponds to the magnitude of the tensor squared,

tr(τ2) = |τ |2 = τ2
11 + τ2

22 + τ2
33 + 2τ2

12 + 2τ2
23 + 2τ2

13 = τ : τ . (4.37)

There is no common agreement on which combination to use as
equivalent stress. The problem is addressed in detail in [100]. The
equivalent formulations used by different authors are listed in Tab. 4.3.

Variable τ√3 is a scaled variation of the von Mises equivalent stress
τvM. The reason for the scaling is that the cell damage was examined
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Table 4.3: Possible equivalent shear stresses.

Variable Relation to Stress Tensor Authors

τvM

√
3
2 (I2

τ − 2IIτ ) [101]

τ√3

√
1
2 (I2

τ − 2IIτ ) [92, 100,102,103]
τII

√
−nIIτ , n = 1, 2, 3... [88]

τB

√
1
6
∑
i6=j(τii − τjj)2 +

∑
i6=j τ

2
ij [104]

τY
√∑

i6=j(τii − τjj)2 +
∑
i6=j τ

2
ij [88]

under shear stress and not under normal stress. These are excessively
weighted by a factor of

√
3 in τvM [100,102].

The different equivalent stress formulations clearly lead to different
haemolysis predictions. If it is considered that the shear force con-
tributes to the haemolysis index by τα, it becomes clear that, depend-
ing on the choice of parameters and models, predictions can differ by
multiples.

4.3.5 Difficulties
The disagreement regarding the haemolysis model, its parameters, and
the equivalent stress to be used, illustrate that the existing haemolysis
simulations are not reliable. The disagreement can be traced back to
the fact that the original experiments, from which the models were
derived, caused a one-dimensional, constant shear load on RBCs. The
extent to which the stress needs to be weighted in the normal direction
is uncertain. Also, little is known about the time dependency.

Furthermore, interactions between cells and walls cannot be simu-
lated. For example, the simulation of the surface structure of the pump
head would be far too computationally intensive. A remedy would be
an additional source term in the transport equations. However, the nec-
essary experimental investigations are not available. The investigations
from Chapter 6 will make it clear that no simple characterisation of the
haemolysis caused by the surface roughness is possible.

Differences between in vitro experiments and CFD simulations are
often in the range of one order of magnitude, even for simple, one-
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dimensional flow conditions [88].
A precise prediction of cell damage using CFD simulations is there-

fore not possible. Nevertheless, such models are useful to get a better
understanding of the damage mechanism.
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5
Systematics

In the work at hand, investigations on cell damage in bearingless cen-
trifugal pumps are carried out experimentally and with the aid of sim-
ulations. This chapter explains in detail the procedures employed.

Section 5.1 describes the design of the bearingless centrifugal pump
for an operating point of 5 l/min at a pressure difference of 350 mmHg.
This working point corresponds to the nominal operating point of a
cardiopulmonary bypass. The main dimensions of the pump are deter-
mined using the Cordier diagram. After that, inlet radius, blade height,
and outlet angle are determined.

The tested variations of the pump to investigate the influence of dif-
ferent design parameters on the hydraulic properties and the haemolysis
are presented in Section 5.1.4.

The methods used to evaluate the hydraulic properties and cell com-
patibility are explained in Sections 5.2 and 5.3.

The chapter concludes with a detailed description of the implemen-
tation of the fluid dynamic simulation (see Section 5.4).

5.1 Centrifugal Pump
In the following section, the design of the impeller and the pump head
of the base prototype is presented, following the basics from Chapter 3.
The first part introduces the impeller design. Subsequently, the volute
design is shortly discussed. Finally, the variations of the impeller and
pump head that were manufactured for the investigation of the haemol-
ysis are presented. The terminology used can be found in Fig. 3.2.
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5.1.1 Impeller Design
The impeller is designed in the following steps:

I Selection of a suitable impeller diameter da

I Dimensioning of the inlet diameter di

I Selection of the blade angle βbl,a and the blade height hbl.

These steps are described in detail below.

Diameter

The Cordier diagram from Fig. 2.8 is used to determine a suitable im-
peller diameter for achieving high efficiency. As shown in Section 2.5.5,
only a radial pump is acceptable for the desired pressure difference of
∆pnom = 350 mmHg. The diameter number must, therefore, be at least
δC > 3.5.

For a fluid density of ρ = 1060 kg/m3, the specific work is

Y = ∆pnom

ρ
= 44.02 m2

s2 . (5.1)

Using the diameter numbers from equation (2.35), a minimum im-
peller diameter of da > 11 mm can be determined.

To minimize the influence of manufacturing tolerances and to sim-
plify manufacturing, a diameter of da = 22 mm, i.e. a diameter number
δC = 6.54, is selected.

The corresponding specific speed according to Cordier is

σC = 2
√
πn

Q1/2

(2Y )3/4 = ω√
π

Q1/2

(2Y )3/4 ≈ 0.137. (5.2)

Thus, a rotation speed of n ≈ 7300 rpm is expected.

Inlet Radius

The incoming fluid passes through the inlet eye towards the leading edge
of the impeller blade. At this point, the swirl of the flow is relatively
low and only caused by the viscosity of the fluid. Accordingly, there
are high relative velocities between the impeller blade and the fluid at
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5.1. Centrifugal Pump

the leading edge. Since this causes high shear forces and, consequently,
more haemolysis, it is desirable to minimize the relative speed.

By looking at the velocity triangle at the blade inlet, the relative
velocity wi can be expressed as

wi =

√
v2
m,i +

(
ui −

vm,i
tan(αi)

)2
, (5.3)

where
vm,i = 4Qbl

πd2
i

and ui = di

2 ω. (5.4)

The corresponding minimum is achieved with an inlet eye diameter
of

di = 3

√
2Qbl

ωπ

(√
2(17 + cos(2αi)) csc(αi)− 2 cot(αi)

)
(5.5)

with csc(αi) = 1/ sin(αi).
Assuming a volumetric efficiency of ηvol = 0.4, the ideal diameter is

di = 9.9 mm. Accordingly, an inlet eye radius of ri = 5 mm is chosen
for the prototypes.

Blade Angle and Height

Once the inlet and outlet diameters of the impeller have been deter-
mined, the design of the impeller blade follows. The aim is to identify
a suitable combination of blade angle and height. As can be seen from
equation (3.19), these two parameters cannot be determined separately.

Typical design procedures begin with the selection of an outlet angle
of βbl,a = 22.5◦ [40, 43]. This typically leads to a high pump efficiency.
However, since efficiency is of secondary importance for a cell-friendly
pump, an alternative approach is chosen below. The desired operating
point is to be reached at the lowest possible rotational speed to minimize
the shear forces in the sidewall gaps.

Based on equation (3.19), the theoretical rotational speed n required
to reach the nominal operating point can be calculated. A larger blade
height hbl reduces the meridional velocity vm,a at the trailing edge.
This makes the pump curve flatter. Accordingly, the required rotational
speed decreases.

The same applies to the outlet angle βbl,a. The higher it is selected,
the higher the maximum flow will be. At the same time, however, slip
also increases, which reduces the available pressure head.
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Fig. 5.1 presents the required rotational speed as a function of the
two design parameters hbl and βbl,a. In addition, the best and the worst
outlet angles for a low-speed design are indicated by dashed lines.
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Figure 5.1: Theoretically necessary rotational speed n (in rpm) to reach
the nominal operating point as a function of blade height hbl and blade exit
angle βbl,a. The optimum and the worst combination of the two parameters
for a low rotational speed are marked with crosses and circles, respectively.

The lowest rotational speed is achieved for small outlet angles βbl,a
and high blades. In this range, however, rotational speed is very sensi-
tive to changes in the blade height hbl. At hbl < 6.8 mm, a blade angle
of βbl,a = 90◦ becomes optimal, while low angles lead to high rotational
speeds and are located close to the worst choice. Furthermore, the ad-
vantage of a small blade angle in the range hbl > 6.8 mm compared to
that of 90◦ is negligible.

To analyse the cell damage, another significant advantage of a 90 ◦
outlet angle is the decoupling of the two design parameters. In this
way, the blade height hbl can be varied without having any influence
on the required rotational speed. In this way, the impact of the blade
height on the cell damage can be investigated, at least theoretically,
independent of the rotational speed.
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5.1.2 Volute Design

Decisive parameters for the volute design are shear forces at the tongue
as well as radial forces. As can be seen from Section 3.4.1, the irregular
flow distribution in the volute causes considerable radial forces that
must be compensated by the magnetic bearing. A spiral volute would
be suitable for reducing forces at the nominal operating point. However,
this has several disadvantages:

I The operation of the pump in underload or overload causes high
radial forces. This makes it difficult or impossible to start the
machine against the closed valve.

I The short distance between the impeller and the tongue causes
sharp pressure fluctuations, which stimulate tilting of the im-
peller.

I High shear forces are to be expected in the tongue area. It is
expected that they could lead to additional cell destruction.

A simple annular volute is a reasonable alternative. It consists of a
circular volume with a constant cross-section along the circumference.
The radial forces are also lowest in the nominal flow range and increase
only slightly in the event of under and overload (see Section 3.4.1).

Next, the distance between the blade outlet and the volute wall is
chosen, as is usually done for conventional pump designs. The larger
cross-sectional area of the volute reduces the peripheral velocity of the
flow near the volute wall. The same choice is typically made for slurry
pumps to keep the abrasion of the pump head low [43].

5.1.3 Resulting Design

The resulting pump is illustrated in Fig. 5.2(a). The priming volume of
this design is 15.5 ml, which is about half the volume of commercially
available products (see Section 9.1). At a nominal flow rate of 5 l/min,
this volume is flushed within 186 ms.

For the haemolysis tests, all parts were milled from polycarbonate
and then vapor-polished. This results in a smooth, transparent surface
with a mean roughness value of about 0.05µm.
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Lid

Volute SealingInlet

Outlet

Impeller SOB

(a) Photograph of the base design B
and impeller SO.

Sealing

Volute

Hub Disc

NdFeB Magnet

Blade

Front Shroud

LidInlet

Outlet

(b) Rendering of the pump head as-
sembly.

Figure 5.2: The prototypes are milled from polycarbonate. To be able to
test different impellers, the housing is made of two parts and sealed with an
O-ring.

5.1.4 Variations for Haemolysis Tests
In the following, the variations made to the pump design to investigate
the causes of cell damage are presented. Design parameters that have
little effect on the efficiency of the pump but influence the shear forces
and stagnation volumes were preferred.

The parameters described can be found in Fig. 3.2.

Variations of the Pump Head

In the area of the pump inlet, there is a strong change in the flow
direction. As a result, high shear forces are expected. A variation of the
rounding ri,st at the inlet nozzle should serve to investigate this influence
more closely (design R+). In order to vary the bottom gap volume, a
pump head H- with a reduced distance δH between the impeller hub
and the housing bottom is manufactured. In addition, the distance δS
between the front shroud plate and the housing lid is varied (design
S+).

A list of the different variations is presented in Tab. 5.1. The di-
mensions of the basic design refer to the pump head in Fig. 5.2(a).

Impeller Variations

Since the blade channel represents a significant narrowing of the flow
cross-section, three different blade heights are tested (B, B+ and B-).
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Table 5.1: Variations of the pump head.

Design δH

(mm)
δS

(mm)
ri,st

(mm)
Addressed
Effect

B 4.5 2 1 base design
H- 2.5 2 1 bottom volume
S+ 4.5 4 1 shroud volume
R+ 4.5 2 6 nozzle fillet

Due to the blade angle of 90◦, this should have little influence on the
rotational speed and thus on the shear forces in the sidewall gaps. One
exception is the fluid gap δS above the front shroud disc, as it directly
depends on the blade height.

High shear forces prevail in the radial gap due to high relative speeds
and narrow gap width. Besides, fluid particles that flow through these
regions are exposed to these stresses for a long time. The influence of
the radial gap width δfl is investigated both by means of a prototype
with a smaller diameter D-, as well as by a variant RG+ with a smaller
diameter of the hub disc, but with the same blade diameter. Further
variations are performed on the blade length (SO) and the blade angle
(A60).

A list of the different variations is given in Tab. 5.2. The dimensions
are listed as a percentage change from the basic design Fig. 5.2(a).

5.2 Hydraulic Experiments
Various prototypes are bench-tested to evaluate their hydraulic proper-
ties. Hydraulic efficiency, bearing stability, and characteristic pressure-
flow curves can be determined based on the data obtained.

5.2.1 Experimental Setup
A schematic representation of the test bench used is illustrated in
Fig. 5.3. The pump is connected to a tempered water tank with PVC
pipes. The pressure difference is measured with two manometers lo-
cated at a distance of approx. 30 cm upstream and downstream of the
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Table 5.2: Variations of the impeller design.

Design hbl

(%)
ra

(%)
δfl

(mm)
βbl,a

(◦)
Addressed
Effect

nnom

(rpm)

B 100 100 0.65 90 base design 7885
B+ 116 100 0.65 90 blade height 7775
B- 83 100 0.65 90 blade height 8055
A60 100 100 0.65 60 blade angle 8055
D- 100 95 1.15 90 impeller diameter 8270
RG+ 100 100 1.15 90 radial gap 7825
SO 100 136 0.65 90 blade length 5635

pump nozzles. The flow measurement is carried out with a contact-
less flow sensor based on ultrasound. The system characteristic can be
adjusted by a valve on the pressure side.

Flowmeter
Valve

Prototype Pump

Manometer
Tempering
to 40 °C

Water Reservoir

Figure 5.3: Schematic representation of the test bench used to determine
the pump characteristics.

Water tempered at 40 ◦C is used as fluid. The viscosity of µfl =
0.7 mPa is lower than that of blood. This mainly leads to lower friction
losses inside the pump. Correspondingly, the power and the rotational
speed required for blood will increase slightly. The efficiency will also
be lower. This is exemplary illustrated for the base impeller design B
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in Fig. 5.4. However, stability of the impeller increases with viscosity
because the damping increases. The slight difference in fluid density ρfl
can be neglected.

Tempering of the liquid prevents it from warming up due to pump
losses. This guarantees a constant viscosity for the entire flow charac-
teristics.

After the desired operating point has been reached, it is maintained
for a few seconds to allow the transients to decay. The measurements
of the flow and pump conditions are averaged over 10 measuring points.

5.2.2 Characteristic Curves

The characteristic curves of the impeller variations are shown in Fig. 5.4.
All variations achieve the nominal operating point of 350 mmHg at
5 l/min. The pressure-flow curves also display a similar trend. This
is due to the almost unchanged blade design between the prototypes.

The pump curves display a slightly unstable head-flow characteris-
tic (d(∆p)/dQ > 0) in the range of low flow rates Q < 2 l/min. This,
however, does not pose a problem since the process characteristic usu-
ally shows a higher flow dependency. During the conducted tests, no
instabilities due to this positive slope could be detected.

Efficiency

The pump efficiency is calculated by

ηhyd = Phyd

Pmech
. (5.6)

Here, Pmech is the work supplied to the rotor, which is calculated with
voltage constant ku according to

Pmech = kuω

3∑
i=1

Idrv,i. (5.7)

For the motor efficiency, two different formulations are introduced.
One for the drive, ηdrv, and the other for the entire motor including the
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Figure 5.4: Pump characteristics and hydraulic efficiencies of all impeller
variations at the nominal rotational speed. The nominal operating point is
Q = 5 l/min at ∆p = 350 mmHg.

bearing, ηmot:

ηdrv = Pmech

Pmech + Pstat + Pcu,drv
(5.8)

ηmot = Pmech

Pmech + Pstat + Pcu,drv + Pcu,bng
. (5.9)

The ohmic losses are calculated using the measured phase currents,

Pcu = Pcu,bng + Pcu,drv =
3∑
i=1

Rbng,iI
2
bng,i +

3∑
i=1

Rdrv,iI
2
drv,i, (5.10)

where the two phase currents of each star-connected three-phase system
are measured and the third is calculated with Kirchhoff’s current law.
The copper resistances Rdrv and Rbng are measured at standstill and
extrapolated to the operating temperature which is measured with a
temperature sensor located inside the motor casing.
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The iron losses in the stator, Pstat, are determined in advance. For
this purpose, the losses at idling speed are determined during operation
of the motor in air. It is assumed that these losses are only composed of
copper and iron losses. Air friction losses are, therefore, also considered
as iron losses. They are, however, negligible at the rotational speeds
typical for pumping applications [105].

Since no measurements of the flow inside the pump head are pos-
sible, a breakdown of the pump losses is only possible by means of
CFD simulations. Such a decomposition is listed for the basic design in
Section 7.1.1.

The pump efficiency of most impellers is ηP = 0.4 and is shown
in Fig. 5.4. Only the two impellers with extended blades (SO), which
are only partially covered, and the one with reduced blade height (B-)
display a lower efficiency (ηP = 37.1%). For the SO design, this is due
to strong turbulence at the open blade section, while for the impeller
B-, higher blade channel friction and additional leakage losses occur
above the front shroud disc.

Fig. 5.5 illustrates the efficiency of the motor ηmot and ηdrv on the
example of impellers B, RG+, and SO. The drive efficiency ηdrv of SO
is significantly lower than that of the other impellers. Due to its larger
blade diameter, higher torque is required to generate the pressure differ-
ence. Since the motor has been designed for a smaller blade diameter,
resulting copper losses are higher.

The difference between the drive efficiency ηdrv and the motor effi-
ciency ηmot is due to bearing losses. They are more significant at low
flow rates.

Base design B achieves a motor efficiency of ηmot = 86% at the
nominal operating point.

5.3 In Vitro Experiments

In vitro experiments are performed to analyse cell damage. For this
purpose, bovine blood is pumped over several hours with the proto-
types. The amount of the destroyed RBCs is regularly determined by
red colour of the blood plasma.

The test setups and the procedures used to determine the plasma-
free haemoglobin Hb,pf are described below.
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Figure 5.5: Drive and motor efficiency (drive and bearing), shown on the
example of impellers B, RG+, and SO.

5.3.1 Experiment Setup
For the in vitro experiments, two different configurations are used. On
the one hand, pumps are tested in a closed fluid circuit. The blood is
drawn from a reservoir and pumped back into the tank, through tubes,
at nominal flow and pressure. On the other hand, surface tests are
carried out using a rotary shearing device consisting of a rotating ring
rotor and a compressed air tank.

The two setups differ only in structure and minimally in evalua-
tion. In particular, the procedure for determining cell damage remains
unchanged.

Pump Circuit

The circuit illustrated in Fig. 5.7 is used to determine cell damage in
the pump prototypes. It consists of a PVC blood reservoir with an inlet
and an outlet socket. The pump is connected to the sockets with 3/8"
soft PVC tubes. The pressure difference across the pump is measured
with two manometers, 20 cm before and after the nozzles. The necessary
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Figure 5.6: Discolouration of blood plasma with progressive haemolysis.

hydraulic resistance is set by a long PVC tube with 1/4" inner diameter
and a manual clamp on the pressure side. The clamp is used for fine
adjustment. Most of the pressure drop is caused by the PVC tube. The
flow rate is measured with a contactless flow sensor. It is placed on the
pressure side, 10 cm away from the reservoir inlet.

Both the flow rate and the pressure difference are checked regularly
and kept within the ASTM tolerances (Q = 5±0.25 l/min, ∆p = 350±
10 mmHg) [106].

The circuits are constantly filled with a total circulation volume of
V = 700 ml, and the circulating blood is tempered to 30 ◦C by means
of a heating spiral. The heating coil is immersed directly into the blood
reservoir. The blood temperature is checked hourly.

The suction side tubing path is short (40 cm of a 3/8" tube) to
avoid cavitation inside the pump. The average pressure drop at the
pump inlet is −17 mmHg.

The setup is rebuilt for each experiment. Tubes and connectors are
discarded after each test. The pump heads, reservoirs, and nozzles are
cleaned and disinfected with hydrogen peroxide.

Haemolysis caused by the Circuit

The haemolysis caused by the circuit itself (tubes, clamps, connectors,
reservoir, and nozzles) cannot be determined because a pump is always
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Figure 5.7: The fluid circuit used to determine blood damage in centrifugal
pumps.

required to maintain the flow. In order to keep the bias small, investi-
gations were carried out on modified circuits to identify and eliminate
potential faults. This includes changes to the reservoir, tubes, and
clamp.

Several tests with a pressure drop across clamps or long tubes were
performed in parallel, and no significant difference was detected. The
same conclusions are presented in [107]. Also, no difference could be
established between attempts with an open PVC reservoir and with a
closed blood bag. Only scratches and impurities on the reservoir inlet
and outlet nozzles had adverse effects on haemolysis. The final blood
reservoir used has two nozzles with 11 mm inner diameter. The nozzles
are made of free-cutting stainless steel to prevent scratches.

Surface and Pressure Tests

Another setup is used to investigate the pressure and surface depen-
dence of haemolysis. It consists of a reservoir tank that is placed directly
on the bearingless motor. At the bottom of the tank, a surface-treated,
disc-shaped rotor is magnetically levitated and driven. The shear forces
create a vortex in the centre of the cup, which continuously mixes the
blood volume.

Each container can be hermetically sealed and pressurized. A com-
pressed air line supplies the tanks for this purpose. The blood temper-
ature is controlled with immersed heating coils. A schematic diagram
and a picture of the compressed air tank are shown in Fig. 5.8.
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The desired roughness of the impellers is achieved by sandblasting.
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Figure 5.8: The setup used for surface and pressure tests.

Control Container

In addition to the actual test setups, a control container is filled with
bovine blood and tempered. This blood is not exposed to any mechan-
ical stress and serves to monitor spontaneous cell damage. Changes of
Hb,pf in this control sample indicate irregularities in the blood used.
The results of such tests must be considered invalid.

5.3.2 Blood Collection and Preparation

The in vitro studies are performed with bovine blood. It has similar
haemolytic properties to human blood [108] and it is easier to handle
and procure.

The blood is obtained from a local slaughterhouse and mixed with
8000 IU/l anticoagulant immediately after slaughter to inhibit blood
clotting. Less than an hour elapses between collection and the start of
the experiments.

To keep the hydraulic properties of the blood constant across several
experiments, it is diluted with phosphate-buffered saline solution (PBS)
to an Ht of 30% and then filtered with a 38µm filter.

Any equipment that comes into contact with blood is rinsed out
with PBS beforehand.
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5.3.3 Measurement of Plasma-Free Hemoglobin
To determine the progress of cell damage, samples of 5 ml are taken
from the reservoir every hour and then centrifuged at 3000 g. The
plasma is centrifuged a second time to ensure that no RBCs remain
in the sample. Finally, 170µl are mixed with 2 ml of Drabkin’s solu-
tion. This is a reagent containing potassium ferricyanide. It oxidizes
haemoglobin to methaemoglobin and ultimately converts it to cyan-
haemoglobin [109]. This forms a highly stable haemoglobin derivative
and is therefore suitable for a reliable determination of Hb in whole
blood [110, 111]. The method can be also used to determine Hb,pf in
the range of 1− 2000 mg/dl [112].

Spectral Analysis

The haemoglobin concentration is determined photometrically using a
calibration curve. Since cyanmethaemoglobin has an absorption peak
at 540 nm [112], measurement at a single frequency is sufficient.

Calibration is performed with freeze-dried bovine RBCs [113] and
demineralised water. The measured values are listed in Tab. 5.3 and
can be approximated linearly. The Pearson correlation coefficient is
ρcalib > 0.99.

The blood used normally already has an Hb,pf of approx. 20 mg/dl.
The relative interpolation error is thus below 1%. The spectrum of
the plasma is not changed by adding of Drabkin’s reagent and can
be compensated by an initial measurement. This makes concentration
changes of 1 mg/dl Hb,pf reliably measurable [114].

A Thermo Scientific GENESYS 30 UV/VIS spectrophotometer is
used for the measurements.

5.3.4 Evaluation
To compare the experiments of different pumps, the normalized haemol-
ysis index

NIH = dHb,pf

dt · V
Q
· (1−Ht) , [NIH] = mg/dl, (5.11)

is determined [115]. V represents the total blood volume in the circuit
and Q the pump flow. The NIH is a measure of cell damage caused to
an RBC per pass through the pump.
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Table 5.3: Calibration values and approximation errors.

Hb

(mg/dl)
Absorption Approximate

Hb(mg/dl)
eabs

(mg/dl)
erel

(%)

0 0.0005 0.097 0.097 -
5 0.0079 4.628 0.372 7.43
10 0.0159 9.526 0.474 4.74
25 0.0413 25.078 0.078 0.31
50 0.0822 50.058 0.058 0.12
75 0.1234 75.283 0.283 0.38
100 0.1644 100.386 0.386 0.39
125 0.2046 124.999 0.000 0.00
150 0.2460 150.347 0.347 0.23
200 0.3274 200.185 0.185 0.09
150 0.4078 249.412 0.588 0.24

Since no flow rate can be assigned to the setup used for pressure and
surface tests (Section 5.3.1), the average residence time is not known.
It is assumed that mixing takes place uniformly and that all RBCs are
exposed to the same loads. To determine the degree of damage, the
temporal change of the Hb,pf is normalized to the haematocrit value,
analogous to the NIH, according to

HR = dHb,pf

dt (1−Ht) . (5.12)

The experiments are conducted for more than six hours, with hourly
sampling. Based on seven samples from the entire test sequence, the
rate of Hb,pf is determined using the least-squares method.

Normalization to a Reference Pump

Because of the high variation of the bovine blood used, the prototypes
are always tested parallel to a commercial pump, which serves as a
reference. The NIH can be normalized with the aid of this pump,

RIH = NIH

NIHref
, (5.13)
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where NIHref represents the NIH of the reference pump.

5.3.5 Variance
The results from various blood tests display a high variance. This is
mainly due to the lipid content and the temperature of the blood used
[116].

An empirical coefficient of variance ĉv,CM = 0.485 was determined
for all experiments carried out in this thesis with the clinical pump
CentriMag under identical conditions (N = 28). A value of ĉv,B = 0.448
was determined for the base prototype (N = 16).

However, if the RIH is used, the empirical coefficient of variance of
the base design can be reduced to ĉv,B,RIH = 0.258. Since the RIH is
always formed within the same measurement series, i.e. with the same
blood, the haemoglobin content Hb is thus normalized too.

By using a reference pump, the experimental effort can be signifi-
cantly reduced.

5.4 CFD Implementation
The software CFX from ANSYS is used for the CFD calculations. In the
following, the implementation, convergence criteria, evaluation meth-
ods, and the selection of the most suitable haemolysis model are pre-
sented.

5.4.1 Fluid Properties
For the simulations, it is assumed that blood is permanently in the range
of constant viscosity. This simplifies the simulation and is justified by
the high shear rates within the pump. Even if not all areas manifest
such high shear rates, it can be assumed that the relaxation time of
erythrocytes is relatively long compared to the rapid flushing and that
the fluid cannot recover.

Therefore, a constant viscosity of µfl = 3.5 mPa and a density of
ρfl = 1060 kg/m3 is assumed.

Temperature changes are neglected for the simulation since the high-
volume flow dissipates the heat loss advectively, and no heat conduction
across the pump wall has to be considered.
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5.4.2 Turbulence Model
The turbulent flow in the pump is described with the Reynolds-averaged
Navier–Stokes equations (RANS equations). Fluctuations in density
and viscosity are ignored.

The equations of the Reynolds stress tensor are closed by the k− ω
SST model since this combines the advantages of the k − ω model in
areas close to walls with those of the k − ε model [117].

The RANS equations are used only for the flow field. The addition-
ally implemented transport equations for the haemolysis models are not
averaged.

5.4.3 Meshing
Global Mesh Size

In order to determine the required number of nodes, a mesh indepen-
dence study is carried out for the hydraulic properties of the pump and
various haemolysis models. Stationary simulation of the base design
B has been performed with different element sizes. Pressure difference
and haemolysis index are averaged over the last 100 iteration steps. The
resulting deviation from a simulation with a refined mesh of 15 million
elements is listed in Fig. 5.9.

The pressure difference for a mesh size of 7 million cells deviates by
less than 1% from a refined simulation with 15 million cells. Dependence
of the different haemolysis models (single-stage and both double-stage
models) on the mesh size can be similarly determined (see Fig. 5.9(b)).
With a further refinement above 7 million elements, an error reduction
of only 2% can be achieved. For haemolysis models that consider a
threshold value of τth = 150 Pa (Fig. 5.9(c)), an error of 3–4% occurs
when 8 million cells are selected.

The independence of the mesh is accepted at 8 million cells, since
further refinement leads to increased computing times, especially for
transient simulations.

Inflation Layers

The velocity within the turbulent boundary layer can be divided into
four zones. These are the viscous sublayer, in which the velocity changes
linearly with the distance to the wall, the buffer region, the logarithmic
layer, and the outer layer.
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Figure 5.9: Error of the simulated pressure difference and haemolysis de-
pending on the mesh size compared to a refined simulation with 15 million
cells. (a) pressure difference, (b) haemolysis index of the single-stage and the
two double-stage models, (c) haemolysis index of the threshold models.

As shown in Fig. 5.10, the velocity profile can be described by the
dimensionless parameters

u+ = u

uτ
and y+ = ρyuτ

µ
. (5.14)

Here,

uτ =
√
τw
ρ

(5.15)

represents a reference velocity formed from the wall shear force τw and
y measures the distance of the first cell to the next wall.

According to Schlichting and Gersten [118], the following applies to
layers close to walls

u+ = y+ if 0 ≤ y+ < 5 viscous sublayer, (5.16)
u+ = f(y+) if 5 < y+ < 70 buffer region, (5.17)

u+ = 1
κ

ln(y+) + C if 70 < y+ log-layer, (5.18)
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where the following applies for the buffer layer and the parameters

f(y+) = 1
Λ

[
1
3 ln Λy+ + 1√

(Λy+)2 − Λy+ + 1
+ 1√

3

(
arctan 2Λy+ − 1√

3
+ π

6

)]

+ 1
4κ ln

(
1 + κBy+4) (5.19)

Λ = 0.127, κ = 0.41, C = 5. (5.20)

The change from the buffer region to the logarithmic layer is often
already set at y+ = 30 [119].

To capture the velocity profile within the boundary layer, it must
be resolved in detail or the so called wall functions must be used to
model the behaviour of the boundary layer. For this purpose, inflation
layers consisting of prisms are placed at all surfaces. If wall functions
are used, the first node should be selected at 30 < y+ < 200, while it is
aimed for y+ ≈ 1 if the boundary layer is to be resolved entirely.

In the present work, the boundary layer is resolved with y+ ≈ 1 to
be able to calculate the shear forces close to wall more precisely. For
the base design B, at the nominal operating point, this requires a first
inflation layer of 5µm thickness. The histogram in Fig. 5.10 depicts the
distribution of the inflation prisms along the dimensionless wall distance
y+.
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Figure 5.10: Distribution of the first inflation layer along the turbulent
boundary layer.
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All surfaces are meshed with 15 inflation layers. This ensures that
the boundary layer is resolved with sufficient accuracy, especially since
high shear forces and thus high haemolysis rates occur there. Fig. 5.11
illustrates the difference between the meshes with and without inflation
layers (for reasons of clarity, only eight inflation layers are depicted).

(a) Automatic meshing without
an inflation layer.

(b) Meshing with eight inflation
layers in regions close to walls.

Figure 5.11: Mesh comparison of the pressure nozzle without (a) and with
eight inflation layers (b) in the boundary layer.

5.4.4 Convergence Criteria
For simulations of the hydraulic properties, residuals of the momentum
equation and mass conservation of < 1·10−4 are aimed for. The solution
is considered to have converged as soon as the residual condition is met,
and the change in pressure difference averaged over 1 impeller rotation
is less than 1%.

For the simulation of haemolysis, a residual of < 10−4
rms is aimed at

for the corresponding transport equations.

5.4.5 Initialisation
In this thesis, transient simulations are initialized with the help of two
stationary simulations. First, a stationary simulation (frozen rotor)
without haemolysis model is performed to obtain an estimate of the
velocity and shear stress field. The solution serves to initialize a sec-
ond stationary simulation, with implemented haemolysis models. The
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results of this second simulation ultimately serve as an initialization for
the transient simulation.

In this way, it can be prevented that unrealistically high shear forces,
caused by incorrect initial conditions, lead to high source terms of the
haemolysis transport equation. As a result, a significant increase of the
convergence can be achieved.

5.4.6 Comparison of Haemolysis with Measurements
To compare the simulation results with in vitro experiments, the mass
averaged haemolysis index HI at the pump outlet is compared with the
NIH. The following applies:

HI =
∫
HI · ṁdA∫
ṁdA

= NIH

Hb
· 1

1−Ht
, (5.21)

where the integral is to be evaluated at the outlet cross-sectional area.
To evaluate the prototypes, however, the entire scalar field must be

considered.

5.4.7 Implemented Haemolysis Model
To detect the critical points within the pump, only an Eulerian haemol-
ysis model is suitable, which can be used to calculate a scalar field and
find local maxima of cell damage.

For the implementation as well as for the parameter selection and
the equivalent shear stress, a multitude of different data can be found.
For this reason, the most suitable combination for the present work is
determined based on a stationary CFD simulation of the base design
B.

In order to assess the simulation accuracy, in the following it must
often be referred to the results from Section 8.1.1 in advance.

Parameter Selection and Equivalent Shear

Since the parameters of the power law (4.11) vary greatly, four different
parameter sets are implemented and compared with each other. The
values are based on the works of Fraser et al. [95], Giersiepen et al. [70],
Goubergrits and Affeld [68], and Heuser and Opitz [62]. These values
can be found in Tab. 4.2.
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As described in Section 4.3.4, there is also a great uncertainty about
the equivalent stress to be used. In the following, the equivalent shear
stresses proposed by Blutzuweit τB are compared with the scaled von
Mises stress τ√3,

τB =
√

1
6
∑
i6=j

(τii − τjj)2 +
∑
i6=j

τ2
ij , τ√3 =

√
1
3

(
I2
τ − IIτ

)
. (5.22)

All combinations are implemented in a stationary simulation with
the single-stage haemolysis model from Section 4.3.3.

A comparison of the measured haemolysis values with simulated re-
sults shows that all combinations significantly overestimate haemolysis.
The individual values of relative error are listed in Tab. 5.12.

Relative
Error

Parameter Set
FR HE GG GS

τ

τB 2.3 3.1 25.4 633.4
τ√3 2.0 2.7 22.7 569.0
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Table 5.4 & Figure 5.12: Relative error versus in vitro measurements
of the different parameter sets for the single-stage model. Parameter sets:
Fraser (FR), Heuser (HE), Goubergrits (GG), Giersiepen (GS).

While the parameters of Giersiepen combined with the equivalent
stress τB are too high by a factor of 634, the deviation with parameters
of Fraser and the equivalent stress τ√3 is only 197%. This is why, for
further considerations, only this combination is pursued.

Implemented Models

Both the two double-stage models (Section 4.3.3) and the single-stage
model (Section 4.3.3) are implemented and compared using a stationary
simulation. It is shown that the single-stage implementation converges
faster and therefore requires less computing power since only one trans-
port equation must be solved instead of two.
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Simultaneously, all variants are additionally assigned a threshold
value of τth = 150 Pa using the weighting function

w(τ) = 1
2

(
tanh

(
k
τ − τth
τth

)
+ 1
)
. (5.23)

This means that only shear forces above the threshold lead to haemol-
ysis. The haemolysis prediction is reduced accordingly. The weighting
function implemented, with k = 5, is illustrated in Fig. 5.13.
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Figure 5.13: The implemented weighting function of the haemolysis rate
according to equation (5.23) with a threshold value of τth = 150 Pa and k = 5.

For the double-stage models, each haemolysis transport equation
(equations (4.20) and (4.21)) is weighted, and not the dose or resi-
dence time. The implemented models are illustrated schematically in
Fig. 5.14.

The deviations of the individual models from the mean value of 16
in vitro experiments are summarized in Tab. 5.5.

Since both double-stage models are able to account for cell hard-
ening via the nonlinear time dependence of haemolysis, the simulated
haemolysis rate is lower than predicted by the single-stage model. The
double-stage model with time-dependent source term (DSR) exhibits
the smallest deviation. Compared to the measured values, haemolysis
is only overestimated by about 10%. However, the physical significance
of this model is questionable, since cell hardening is only due to ex-
posure time and not due to load on the cell. The double-stage model
(DSD) based on a damaging dose with a threshold value of τth = 150 Pa
also delivers good results. It underestimates haemolysis by 18% in the
considered simulation.
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Figure 5.14: Schematic representation of the implemented haemolysis mod-
els. (a) single-stage model, (b) double-stage model. Each integrator repre-
sents a transport equation.

Table 5.5: Simulation results of haemolysis and its deviation from in vitro
experiments. TH: Threshold value.

Implementation Equations HI / 10−6 erel / %

Experiment (5.21) 1.37 0
Single-Stage (SS) (4.14) 4.08 +197
Dose (DSD) (4.21) 2.63 +92
Residence Time (DSR) (4.20) 1.49 +9
SS with TH (4.14)+(5.23) 2.23 +63
DSD with TH (4.21)+(5.23) 1.12 -18
DSV with TH (4.21)+(5.23) 4.76 -65
DSV with variable TH (4.21)+(4.22) 0.49 -64

Sensitivity to Geometry Variations

The sensitivity of haemolysis models to changes in design parameters is
of particular importance. To find the most suitable haemolysis model,
the prediction must be checked by means of modified geometries. Even
if the forecast of the absolute value is wrong, a model can be applied
for optimization procedures if at least its trend matches with the mea-
surements.

In the following, the relative haemolysis rate RIH of the impeller
variations from Section 5.1.4 is determined by simulations in relation
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to the base design B and compared with the measurement results. The
results are listed in Fig. 5.15 for the various implementation models
and impeller variations. Above the in vitro measurements, the p-value
of a two-sided t-test is indicated between the individual variations and
the base design B. The correlation coefficient between the simulation
results and the measurements is displayed above the simulation results.
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Figure 5.15: Sensitivity analysis of different haemolysis models based on
the in vitro results of impeller variations. The results are sorted by ascending
haemolysis rate of the in vitro measurements. The correlation values between
the simulation results and the measurements are listed above the bars. The
respective p-value is also given for the measurements in relation to the base
design B.

A comparison of the in vitro experiments with the various simula-
tion models shows that models without threshold values, in particular,
display a high correlation of over 80%. For all models, the impeller
with an outlet angle of 60◦ inflicts less cell damage than the base de-
sign. However, with a p-value below 1%, the credibility of the in vitro
results is high. The clear difference between the simulation and the
measurements is thus due to unmodeled effects, such as the adhesive
seam between the impeller blade and the front shroud plate, tilting of
the rotor, or damage to the impeller.
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For all other designs, the simulation trends match well with in vitro
measurements. However, the sensitivity of the simulations is consider-
ably lower than that of the experiments.

Evaluation

With a suitable choice of the implementation model and the parame-
ter set, haemolysis simulations can achieve predictions with deviations
of only a few percent. The sensitivity of the haemolysis models also
correlates with measurements but not all outcomes coincide. This is
only conditionally satisfactory since one cannot solely rely on the sim-
ulations. Important effects such as surface roughness or unclean seams
cannot be considered in the simulation.

Considering the above sensitivity analysis, the double-stage model
based on a residence time performs best. The same applies for the ab-
solute accuracy of the haemolysis prediction. For these reasons, further
investigations are carried out with this model.

The values suggested by Fraser et al. [95] are used as parameters.
The equivalent stress is formed with τ√3 .

5.4.8 Effects not taken into Account
Due to the complexity of the flow, the increased computational effort,
and the low reliability of the haemolysis models, some effects cannot be
considered by simulations. These are in particular:

I surface roughness,

I pressure-dependent influences,

I manufacturing tolerances,

I displacements of the rotor,

I tilting of the rotor,

I possible contacts between the rotor and the housing wall.

Accordingly, the simulations can only be used to explain and better
understand certain effects.
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6
Influence of the Surface on

Haemolysis

In addition to the frequently investigated cell damage caused by shear
stress, it is reasonable to assume that cell damage also depends on other
factors. In this chapter, an estimation of individual influencing factors
is carried out. It is assumed that cell damage is a function of the shear
rate τ , the static pressure p, and the surface quality Ra,

HR = HR(τ, p,Ra). (6.1)

In the following, the influences and the coupling between the individual
parameters are to be determined.

Section 6.1 examines the dependence of the haemolysis rate on sur-
face quality.

Dependency on the shear force is investigated in Section 6.2.
Dependence of the haemolysis rate on the static pressure and the

coupling with the surface quality is presented in Section 6.3.
The test bench described in Section 5.3.1 is used for examinations.

A rotor covered with plastic is magnetically suspended and rotates in
the reservoir. The relative speed between the rotor and the housing
walls causes shear forces, which lead to cell damage. The influence of
the surface on haemolysis can be determined using rotors of different
surface qualities. Besides, the test bench allows the static pressure in
the vessel to be adjusted, and consequently the pressure dependence of
haemolysis to be investigated as well.

In the following studies, experiments with the same blood are com-
pared in order to reduce the variance.
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The surface quality is subsequently characterized by the arithmetical
mean deviation Ra. To give an impression of the surface profile at
different Ra values, three microscopy images are given in Fig. 6.1. The
images were recorded with a Zeiss LSM 880 confocal microscope.

15
0 

µm

Ra = 0.03 µm Ra = 0.51 µm Ra = 1.11 µm

Polished SandblastingSandblasting

Figure 6.1: Microscope images of different surface qualities.

6.1 Influence of Surface Quality
In order to check the influence of surface quality on cell damage, in vitro
experiments are carried out under atmospheric pressure. The shear rate
in the radial gap is maintained at γ̇ = 20 900 s−1. Therefore, the Taylor
number in the radial gap is Ta ≈ 1.25·105. Rotors with surface qualities
between Ra = 0.2− 2.3µm are examined.

Thus, haemolysis is investigated as a function of surface roughness
Ra at a given pressure and shear force,

SHR,Ra = ∂HR

∂Ra

∣∣∣∣
p,τ

. (6.2)

The results are illustrated in Fig. 7.3.
The shear forces cause a base cell damage of HR = 4.4 mg/(dl · h).

Up to a relatively rough surface of Ra > 0.6µm, the surface quality has
little effect on haemolysis. For more irregular surfaces, however, cell
damage increases rapidly. A roughness of Ra = 1.22µm already leads
to 1.3-fold haemolysis. At Ra = 2.35µm, a 2.6-fold haemolysis already
takes place. With such a rough surface, surface effects dominate the
base damage caused solely by shear forces.
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Figure 6.2: Influence of the surface quality on cell damage under atmo-
spheric pressure and for the same manufacturing method.

Under atmospheric pressure, a rough surface of Ra ≈ 0.6µm can be
tolerated. Similar results for a shear rate of γ̇ = 3750 s−1 were already
obtained in [83].

The threshold value, above which cell damage increases significantly,
is in the range Ra,th = 0.6− 1.2µm.

6.1.1 Influence of the Surface Structure
Although the Ra value is the most common parameter to describe a
surface in the technical field, it is reasonable to assume that a simple
value is not sufficient to characterise cell compatibility.

To emphasize the importance of the surface structure, further inves-
tigations are carried out under atmospheric pressure. For this purpose,
two rotors are each processed differently so that they have similar Ra
values. While the rotors R1 and R2 are sanded, R3 and R4 are sand-
blasted. The microscope images of these rotors are displayed in Fig. 6.3.

The rotors R1 and R3 have a mean roughness value of Ra ≈ 1.3µm
(1.07µm and 1.59µm, respectively). R2 and R4 are manufactured with
Ra ≈ 3.76µm (3.75µm and 3.61µm, respectively). The average maxi-
mum height of the profile, Rz, is also in a comparable range.
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Figure 6.3: Influence of the processing method on haemolysis.

The results of the in vitro tests are listed in Tab. 6.1.

Table 6.1: Roughness values of the investigated rotors for determining the
dependence on the machining method.

Rotor Treatment Ra (µm) Rz (µm) HR (mg/(dl · h))
R1 grinding 1.07 5.79 6.28
R2 grinding 3.76 18.70 19.00
R3 sandblasting 1.59 8.33 3.39
R4 sandblasting 3.61 15.85 11.40

The sandblasted surfaces perform better than the sanded ones (de-
spite a higher Ra value in some cases). Neither the Ra value nor the
Rz value provide sufficient information about how much a surface con-
tributes to cell damage. Even with almost identical Ra and Rz values,
differences in haemolysis of more than 65% can be observed.

The course of the surface profile in Fig. 6.4 also shows no significant
differences. The profile peaks are in the order of magnitude of the
thickness of an RBC.

The methods used to assess surface quality are not sufficient to
predict cell compatibility. With the help of detailed three-dimensional
surface analyses, it might be possible to identify structures that indicate
increased cell destruction. To do so, however, a considerably more
extensive database is required.

For the following considerations, rotors with the same machining
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Figure 6.4: Surface profile along the circumferential direction of the rotors.
Measured with a Mahr M 300 C.

process are used in order to draw conclusions about the influence of the
surface.

6.2 Dependence on the Shear Rate
To investigate the influence of the shear rate, different rotors are tested
at different pressure conditions for three hours at γ̇1 = 24 500 s−1 each,
then for three hours at γ̇2 = 26 700 s−1. The sensitivity to the shear
rate can be determined by the ratio of the two haemolysis rates

RHR,τ = HR(γ̇2)
HR(γ̇1) . (6.3)

Since the surface quality and the static pressure are also varied, the
dependency of the haemolysis rate on these parameters can be deter-
mined.

The results of ten experiments are shown in Fig. 6.5. For all im-
pellers, the sensitivity to the shear rate is positive (RHR,τ > 0). On
average, haemolysis increases by a factor of 2.26 with a 9% increase in
rotational speed.

The sensitivity RHR,τ seems to be independent of the surface quality
and the static pressure. At least their dependence is negligible in the
area under consideration.

6.3 Dependence on the Static Pressure
As already shown in Section 4.2.2, an increased static pressure does not
lead to haemolysis if blood is at rest, and no shear forces or relative
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Figure 6.5: Dependence of the haemolysis rate on the shear rate. Cell
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velocities occur,
HR(τ = 0, p, Ra) = 0. (6.4)

Since the static pressure acts uniformly on the membrane of RBC from
all sides, no resulting force arises. Thus, the membrane cannot be
destroyed by such mechanical loads.

If a relative speed exists, higher pressure should, intuitively, lead to
a higher mechanical load (analogue to static friction). It is expected
that the sensitivity of the haemolysis rate with respect to pressure is
positive,

SHR,p = ∂HR

∂p

∣∣∣∣
τ,Ra

> 0. (6.5)

To investigate this sensitivity, ten rotors with different surface qual-
ities are tested at atmospheric pressure for three hours each, followed
by another three hours at 1 bar. The shear rate is kept constant at
γ̇ = 26 100 s−1.

The results are given in Fig. 6.6(a).
The haemolysis rate grows with increasing static pressure. For a

smooth polished rotor, haemolysis increases by about 15% if the static
pressure is increased by 1 bar. On rough surfaces (Ra ≈ 1.6µm),
haemolysis is 50% stronger for the same change in pressure.

6.3.1 Pressure Dependence of the Surface Effects
In Fig. 6.6(b), the ratio

RHR,p = HR(p2)
HR(p1) (6.6)
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Pumping Applications
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Figure 6.6: Dependence of the haemolysis rate on the surface quality and
static pressure. (a) increase in cell damage with increasing pressure. (b)
increasing influence of the surface effects with increased pressure.

is presented as a function of the surface quality Ra.
It is evident that the influence of the static pressure gains impor-

tance for rougher surfaces.
The higher cell damage due to surface quality with increasing pres-

sure is because the blood cells in contact with the surfaces are pressed
harder against them. Accordingly, the friction of the membrane in-
creases.

The ratio RHR,p scales approximately linearly with the surface qual-
ity in the range considered. Therefore, a smooth surface is especially
important in regions of high static pressure.

The increased haemolysis at a pressure of 1 bar and an Ra value of
0.2µm shows that a mean roughness of Ra ≈ 0.4µm is not sufficient for
pumping applications at high pressure. This confirms the assumption
by Takami et al. [85, 86] (see Section 4.2.2).

6.4 Influence of the Surface Quality in
Pumping Applications

The extent to which these findings play a role in the manufacture of a
centrifugal pump for extracorporeal applications will be demonstrated
through several in vitro experiments. Geometrically identical impellers
and housings with different surface treatments are compared.
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Chapter 6. Influence of the Surface on Haemolysis

Fig. 6.7 shows the results of several haemolysis tests with vapor
polished, milled, sanded, and roughened surfaces. For the investigated
operating point with a pressure difference of 350 mmHg, the surface
quality has a decisive influence on cell compatibility.
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Figure 6.7: Influence of surface quality on cell damage during pump tests.

In particular, the surface of the housing tolerates hardly any rough-
ness. Experiments with vapor-polished housings, for example, perform
much better than merely milled versions. The difference between milled
and polished impellers is less significant. This can be explained by the
larger surface of the casing compared to the impeller (5000 mm2 zu
2200 mm2).

An exception to this is the test with vapor-polished housing and
roughened impeller. This impeller exhibits a mean roughness of Ra =
0.6µm. Such severe irregularities in the surface lead to a strongly in-
creased cell destruction even on small surfaces.

The example of an impeller with a damaged blade on the pressure
side illustrates the importance of a continuously smooth surface quality
(see Fig. 6.8). Under the same test conditions, the impeller with a
slightly eroded blade leads to an almost threefold increase in haemolysis.

6.5 Summary
The influence of the surface quality on cell damage was investigated
based on in vitro studies. Under atmospheric pressure, no measurably
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Figure 6.8: Microscopic image of the pressure side of two impellers (SO).
(a) an undamaged, vapor polished blade. (b) a blade damaged by abrasion.

increased cell damage occurs if the surface has a mean roughness in-
dex below approximately Ra = 0.6µm. Above this value, haemolysis
increases rapidly.

If the threshold value is exceeded, the damage rate depends strongly
on the surface structure. Simple measured values, such as the average
roughness value Ra or the maximum height of the profile Rz, are not
sufficient to characterise the relationship between haemolysis and sur-
face roughness.

As already described in detail, cell damage also depends on the
shear rate. For the investigated range of surface quality in the range
of Ra = 0.2 − 1.6µm and a static pressure between 0 and 1 bar, no
dependence of cell damage on the shear rate could be determined.

At an increased static pressure of 1 bar, the surface roughness causes
more haemolysis. The influence grows with increase in surface rough-
ness.
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7
Flow Conditions

To gain a better understanding of the flow conditions within the pump,
the hydraulic results from the CFD simulations are presented in the
following chapter.

Section 7.1 gives an overview of the flow conditions and the shear
force distribution within the pump. Some local properties of the flow
are described in detail on the example of the base design B.

Building on this, the causes of haemolysis are determined in the
next chapter based on geometric variations.

7.1 Overview
The results of a transient CFD simulation of the base design B are
displayed in Fig. 7.1. The absolute velocity of the flow is color-coded.
Arrows mark the approximate flow directions. For a more detailed
description of the flow profile, the velocity field is also shown. In the top
view of the blade channel, the relative velocity ~w is illustrated instead
of ~v for this purpose. This makes the vortices around the blades better
visible.

A large part of the mass flows from the inlet passes directly through
the inlet eye into the blade channel of the impeller. Within the blade
channel, the total pressure increases with radial distance. The fluid then
flows over into the volute, where the velocity is significantly reduced.
Here the fluid circulates and finally flows out through the discharge
nozzle.

In addition to the main flow direction, significant leakage and sec-
ondary flow profiles can be identified. At the nominal operating point,
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Figure 7.1: Overview of the flow conditions in the bearingless centrifugal
pump.

the leakage Qleak accounts for almost 60% of the nominal volume flow
Qnet. It can be divided into a leakage along the front shroud disc
Qleak,S, and along the hub Qleak,H.

The large fluid gap above the front shroud, in conjunction with the
pressure difference across the blade passage, causes the leakage flow
Qleak,S. It amounts to 36.4% of the nominal flow rate. The leakage
flow through the bearing gap Qleak,H amounts to 22.9%.

Due to the high blade angle, strong turbulences occur at the trailing
edge. The vortices are flushed into the volute and decay there. The re-
duced pressure at the suction surface additionally leads to recirculations
of the outflowing fluid back into the blade channel,

About 71% of the flow inside the volute,

QVol =
∫

AVol

~v · ~ndA, (7.1)

exits as nominal flow through the discharge nozzle. A fluid particle thus
circulates on average 1.4 times around the volute until it reaches the
outlet.

Due to the volute tongue, there is a stagnation zone in which the
rotational speed of the fluid is divided, and the static pressure increases.
This region is mainly responsible for the radial force acting on the
impeller.

In the centre of the impeller, a weak vortex flow is formed, which
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7.1. Overview

continues through the washout hole to the bottom of the housing.

7.1.1 Efficiencies

According to the above section, the volumetric efficiency is

ηvol = Qnet

Qbl
= Qbl −Qleak

Qbl
= 0.622. (7.2)

In addition to the volumetric losses, losses in the form of friction occur
at the sidewall gaps. They can be calculated by performing an energy
balance on the impeller. The mechanical power supplied to the entire
impeller can be calculated with

Pmech = ωT = ω ·
∫

∂Aimp

fϕr dA = 11.75 W. (7.3)

Thereof, only the portion

Pbl = Qbl∆pbl = 7.7 W (7.4)

is supplied, in the form of a pressure increase, to the fluid along the
blade channel. The remaining power is dissipated as friction losses.
The efficiency considering the sidewall losses can be determined by

ηR = Pbl

Pmech
= 0.656. (7.5)

The nominal flow rateQnom is supplied with the power ηvolPbl. How-
ever, the directional changes, turbulences and accelerations happening
between the blade outlet and the discharge nozzle lead to additional
losses. The corresponding hydraulic efficiency can be calculated with

ηhyd = Pnom

ηvolPbl
= Qnom∆p

ηvolPbl
= 0.882. (7.6)

The overall efficiency of the pump can thus be determined as

ηP = ηRηvolηhyd = 0.36. (7.7)
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7.1.2 Shear Forces
Shear forces acting on the fluid can be roughly divided into two groups.
On the one hand, the turbulence and directional changes of the external
flow lead to shear forces between adjacent fluid layers. On the other
hand, the strong speed reduction in the boundary layers also leads to
high shear forces. Since the velocity gradient within the viscous lower
layer is constant, these sheer forces can be best described by means of
wall shear forces. They are illustrated in Fig. 7.2 on the housing and
impeller.

750

562.5

375

187.5

0

τ / Pa
780 Pa 470 Pa

350 Pa

340 Pa

 500 Pa

Figure 7.2: Wall sheer forces on the housing and impeller walls.

On the housing, the highest shear stresses occur at the volute tongue
and at the inlet nozzle. Furthermore, there are particularly high shear
forces on the bottom surface and in the radial gap.

On the impeller, the shear forces are increased at the leading and
trailing edges. High shear forces also occur at the outer corners of the
shroud plate.

Local maxima at the inlet nozzle reach values of 780 Pa. On the im-
peller, the maximum is located at the trailing edge and reaches 500 Pa.
The average value across the entire impeller surface is 110 Pa. The av-
erage value on the housing surfaces is 150 Pa (excluding the extension
of the suction and discharge nozzles, introduced for the simulation).
Additionally, Fig. 7.3 displays a histogram of the shear force distribu-
tion on the impeller and housing walls as well as in the fluid volume.
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From Fig. 7.3 it becomes clear that the layers further away from the
wall cause significantly lower shear loads.
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Figure 7.3: Overview of the shear force distribution in the bearingless cen-
trifugal pump with logarithmic colour coding. The histograms show the shear
force distribution on the pump surfaces and inside the fluid volume.

7.2 Separation into Control Volumes
The fluid volume of the pump is divided for the subsequent assessment
of individual regions. For the sake of simplicity, the areas are subdivided
coarsely. The terminology used can be found in Fig. 7.4.

7.3 Blade Channel
The total pressure of the fluid along the blade channel is increased from
the leading to the trailing edge. As expected, strong turbulences occur
at the blade inlet and outlet edges that lead to a reduction in pump
efficiency (see Fig. 7.5). They come as a result of poorly designed blade
geometry concerning fluid-dynamic efficiency.

Due to the radially increasing cross-sectional area in the blade chan-
nel, the fluid is rapidly decelerated, which leads to flow separation and
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Figure 7.5: Top view of the shear forces in the blade channel. The relative
velocity of the fluid is shown as a vector field.

backflows. This results in turbulence within the blade channel, which
leads to a reduction of efficiency. The advantage of the high decelera-
tion, however, is that a large part of the kinetic energy is converted into
static pressure, thus avoiding high relative velocities within the impeller
and downstream components.

High shear forces are limited to regions around the leading and trail-
ing edges of the impeller. In the area of leading edge, the average shear
stress is τ ≈ 230 Pa. At the trailing edge, it is about τ ≈ 200 Pa. Shear
forces due to turbulence are significantly lower. The area marked in
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7.4. Radial Gap

Fig. 7.5 displays a maximum sheer force of only τ ≈ 15 Pa.

7.4 Radial Gap
A Taylor–Couette flow forms in the radial gap between the vertical
housing wall and the rotating surface of the impeller. For the base
design B at nominal rotational speed, the Taylor number

Ta = 4
(

ω2r2
i

r2
a − r2

i

)
(ra − ri)4

ν2 = 3.7 · 105 > Tacrit = 3416, (7.8)

is dominant, where ν represents the kinematic viscosity.
Consequently, Taylor vortices are clearly formed [120]. They can be

identified in Fig. 7.6 from the relative speed w.
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Figure 7.6: The formation of Taylor vortices in the radial gap and their
effect on the shear forces.

In contrast to a pure Taylor–Couette flow, the radial flow is super-
imposed by an axial velocity component caused by the leakage. The
detailed view from Fig. 7.7(a) shows that this leakage flow meanders
around the Taylor vortices. The Taylor vortices are thus carried along
with the flow. Therefore, the eddies do not run parallel to the circum-
ferential direction, but diagonally along the radial gap (see the circum-
ferential view in Fig. 7.6).

The Taylor vortices cause the fluid speed to increase relative to
the impeller and housing walls. Accordingly, higher shear stresses oc-
cur around the eddies. The corresponding locations are marked in

111



Chapter 7. Flow Conditions

Rotor

Housing

0.70.3-0.1-0.5-0.9
vz/ m/s

300225150750
τ / Pa

r

z

Rotor

Housing
r

z

u

u

Taylor-Vortex

Increased
Shear Forces

(a)

(b)

Figure 7.7: The formation of Taylor vortices in the radial gap and their
effect on the shear forces.

Fig. 7.7(b). Compared to regions without vortices, shear stresses can
be up to six times higher.

7.5 Bottom Volume
The flow conditions in the hub disc gap are illustrated in a cross-
sectional view in Fig. 7.8. In the centre, below the washout hole, the
velocity exhibits almost no circumferential component. With the in-
crease in radial distance, however, the circumferential speed increases
and reaches its maximum shortly before the inner radius of the hub
disc, where r ≈ ri. Depending on the axial position, the tangential
speed partly exceeds the circumferential speed of the rotor.

Close to the bottom of the housing, the tangential velocity profile
corresponds approximately to a Rankine vortex, which, however, re-
duces strongly below the wash-out hole. The closer the observed layer
is located to the rotating hub disc, the more the flow corresponds to
that of a rigid body rotation.

A radially directed flow superimposes the tangential flow. Due to
the pumping effect of the rotating hub disc, the fluid in the bottom
clearance gap flows over wide areas radially outwards. Only in a thin
layer at the bottom of the housing, the flow is directed inwards. In this
area, in addition to the leakage flow Qleak,H, the flow generated by the
hub disc also flows back.
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Figure 7.8: Flow conditions in bottom volume. The relative tangential
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7.6 Front Shroud Gap
The volume above the impeller differs from the bottom volume in that
the leakage is significantly higher. The flow conditions are displayed in
Fig. 7.9. The radial flow component is colour-coded.

Here, the rotating front shroud disc forces the fluid to flow radially
outwards as well. The return flow takes place in a thin layer just below
the housing lid.

Due to the different flow directions on the outside of the impeller,
vortices are created in the volute.

The suction effect of the blade channel also causes turbulence in the
inlet eye. In the area of the suction nozzle, there are partial backflows
towards the pump inlet.

7.7 Washout Hole
The washout hole alone would correspond to a border case of a Tay-
lor–Couette flow, with an infinitesimally small inner cylinder and rotat-
ing outer wall. Accordingly, a velocity profile that is distinctive in the
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Figure 7.9: Flow in the front shroud gap.

circumferential direction and rotation-free would be expected,

~vϕ = ωr~eϕ. (7.9)

Such a rigid body rotation does not lead to any shear forces within the
fluid.

As can be seen in Fig. 7.10, the actual flow differs significantly from
these idealized considerations.

Due to the turbulent flow conditions, the increase in circumfer-
ential velocity happens in a narrow layer near the rotating wall (see
Fig. 7.10(a)). The deviation from a rigid-body rotation is highest near
the mean radius.

In addition, the leakage flow Qleak,H leads to a superposition of
the axial flow in the washout hole. The impulse of the inflowing axial
flow pushes the backflowing leakage to the outer walls. The prevailing
axial velocity profile deviates significantly from a pure pipe flow. In
particular, the backflowing fluid leads to high relative velocities on the
impeller wall.
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8
Haemolysis in the Bearingless Pump

In the following chapter, the cell damage that is induced by shear forces
in the bearingless pump is examined. For this purpose, the implemented
CFD simulations are evaluated in detail and compared with in vitro ex-
periments. The correlation between the different haemolysis models and
in vitro experiments has already been demonstrated in Section 5.4.7.

The results of all in vitro experiments are presented in Section 8.1
to provide an overview.

Section 8.2 shows the distribution of haemolysis within the pump
and regions of critical shear stress on the example of the base design B.

Finally, Section 8.3 deals with the examined parameters individually.
These are, namely, the radial gap, the bottom volume, the blade height,
the blade angle, the blade length, and the rounding at the inlet nozzle.
Simulations are illustrating how the flow and cell damage change due
to geometry variation.

8.1 Overview of the In Vitro Experiments

Before the damage mechanisms in the pump are discussed in detail, the
in vitro results of the individual prototypes are presented below. This
illustrates how significant the influence of individual parameters is on
cell damage. In the following sections, the reasons are determined with
the help of CFD simulations.
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Chapter 8. Haemolysis in the Bearingless Pump

8.1.1 Cell Damage
For all designs from Section 5.1.4, in vitro experiments with bovine
blood were conducted. The exact experimental conditions can be found
in Section 5.3. The results are listed in Fig. 8.1.
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Figure 8.1: Results from the in vitro experiments for all manufactured
prototypes. Results with a p-value below 5%, compared to the base design
B, are marked with an asterisk.

Compared to the base design B - which already shows a 35% reduc-
tion in cell damage with respect to the reference pump - cell damage
can be further reduced by

I increasing the blade height (B+),

I widening the radial gap (D- and RG+),

I reducing the bottom volume (H-),

I or enlarging the inlet fillet radius (R+).

Cell damage worsens when: the blade height (B-) is reduced, the
outlet angle is reduced to 60◦, a semi-shrouded impeller with blades
protruding into the volute (SO) is used, and the fluid gap above the
front shroud disk (S+) is increased.

The best results are achieved with a widened radial gap (RG+) and
a rounded inlet port (R+). These pumps cause half as much haemolysis
as the reference pump.
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8.2. Cell Damage Distribution

8.2 Cell Damage Distribution
A snapshot of the haemolysis distribution within the pump is given
in Fig. 8.2. Haemolysed blood accumulates primarily in the bottom
volume. At the same time, new, undamaged blood flows in from the
inlet. The vortex in the centre of the pump causes the two regions to
mix in the washout hole.
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Figure 8.2: Distribution of the haemolysis index HI in the bearingless
centrifugal pump. Logarithmic scale.

The haemolysis index HI increases as the blood flows through the
blade channel. On the one hand, this due to the destruction of cells in
the blade channel and, on the other hand, due to the haemolysed blood
flushed back through the washout hole.

For the further investigation of cell damage, however, it is not the
degree of haemolysis that is of interest, but its temporal change. The
change provides information on how quickly the RBCs are destroyed
in the affected regions. A cross-sectional view of these damage sources
SHI is illustrated in Fig. 8.3.

About 50% of the haemolysis sources are located in the main flow
path, such as the blade channel, suction nozzle, outlet, and the volute.
The remaining haemolysis takes place in the sidewall gaps.

This illustrates how important the design of the sidewall gaps is
compared to the main path. Especially since the main flow cannot
be significantly influenced without changing the characteristic of the
pump.

Table 8.1 lists the distribution of the haemolysis rate SHI related to
the individual fluid volumes from Section 7.2.
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Figure 8.3: Distribution of the source term SHI. Logarithmic scale.

Table 8.1: Proportion of total cell destruction and destruction density of
the individual regions.

Region Volume
cm3

Damage Rate
m3/s · 10−12

Damage Density
1/s · 10−6

Inlet 2.58 7.78 3.02
Outlet 2.51 5.71 2.27
Washout Hole 0.48 0.93 1.93
Inlet Eye 0.50 0.82 1.62
Radial Gap 0.37 28.17 76.76
Bottom Volume 1.69 23.11 13.68
Blade Channel 1.55 8.35 5.39
Front Shroud 0.65 18.59 28.69
Volute 4.65 44.25 9.51

8.2.1 Critical Shear Stress Regions

Locations exceeding the critical shear stress of τth = 150 Pa are high-
lighted in Fig. 9.1. They are limited to regions close to walls.

Significantly increased shear forces occur at the transition of the
inlet nozzle into the suction mouth, and at the leading and trailing
edges of blades. Further such regions are located in the radial gap, at
the bottom of the housing and on the volute wall.
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Figure 8.4: Areas with critical shear stresses (τ > τth). Logarithmic scale.

Relative to the priming volume of the prototype, only 0.5% of the
fluid volume is exposed to critical shear loads (cf. Fig. 7.3).

8.3 Influence of the Geometry
In the following section, the influence of the investigated impeller and
housing variations will be discussed in detail. Their influence is shown
on both the flow and cell damage.

8.3.1 Radial Gap
As already explained in Section 7.4, the flow in the radial gap has
distinct Taylor vortices. In addition to higher shear stress on the walls,
they lead to higher source terms of haemolysis. The distribution of
the SHI is illustrated in Fig. 8.5(a). Here, haemolysis also takes place
almost exclusively in regions close to the wall.

Despite the small volume, approx. 20% of the total cell damage
takes place in the radial gap. It is the area with the highest damage
density. This is due to the high shear rates and the comparatively
long residence time. The occurrence of Taylor vortices increases, in
addition to the shear forces, the residence time and thus complicates
the evaluation.

In order to reduce the cell destruction in the radial gap, it can
either be enlarged or reduced in size. The consequences of this will be
considered below.
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Figure 8.5: Distribution of haemolysis sources in the radial gap for the base
design B and the widened radial gap (RG+).

Neglecting the Taylor vortices and the leakage flow, the following
applies to the velocity distribution in the radial gap [99]

vϕ = Ar + B

r
, A = ω

−η2

1− η2 , B = ωr2
rot

1
1− η2 , (8.1)

with
η = rrot

rstat
, (8.2)

where rrot and rstat represent the rotor and housing radius, respectively.
Accordingly, the shear forces are given by
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The maximum

τmax = τrϕ(r = r1) = −2µflω
1

1− η2 (8.4)

occurs on the impeller surface.
The radial gap would have to be reduced from 650µm to approx.

130µm to avoid Taylor vortices. According to equation (8.4), this in-
creases the maximum shear force by a factor of 4.7. With a haemolysis
dependence on τ2.4, this results in an approximately 40-fold increase
of the damage density. Although the radial gap volume decreases by a
factor of about 5, it does not justify the increased source terms. The
already high cell destruction would thus be significantly intensified.
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8.3. Influence of the Geometry

The only option left is to expand the radial gap. According to
equation (7.8), this increases the Taylor number. As a result, Taylor
vortices cannot be avoided.

To investigate the actual influence, prototypes with a radial gap
twice as large as the base design B were produced. The radial gap
volume is thus increased by a factor of 1.7. At the same time, the
theoretical shear forces (while neglecting Taylor vortices) are reduced
to 56%.

The different distribution of haemolysis sources for both variants is
shown in Fig. 8.5. As expected, the Taylor vortices increase. Due to
the wider radial gap, the leakage flow Qleak,H also increases by about
55%, which shortens the residence time. The boundary layer thickness
remains virtually unchanged, which means that a smaller proportion of
the leakage flow is exposed to the high shear forces near the wall.

In the in vitro experiments, a widened radial gap leads to a strong
reduction of cell destruction. The reduced rotor diameter (D-) reduced
haemolysis by 20%. The widening of the radial gap, with constant blade
diameter (RG+), reduced it even by 25%.

8.3.2 Bottom Volume
A large part of the haemolysis in the bottom volume is generated at
the bottom of the housing, below the hub disk (see Fig. 8.6(a)). In
this area, the circumferential speed vϕ increases rapidly with increasing
distance z from the wall. The shear forces are correspondingly high.
Since most of the flow is directed in the circumferential direction, the
residence time is also long.

In the centre of the impeller, the axial flow of the washout hole hits
the bottom of the housing. The peripheral speed of the fluid is corre-
spondingly low (see Section 7.5). This means that almost no haemolysis
takes place below the washout hole.

Two variations were manufactured, tested, and simulated to inves-
tigate the influence of the axial gap underneath the hub disk. For the
variation H-, the axial gap was reduced by half, Fig. 8.6(b). This re-
duced the bottom volume to 0.836 cm3.

The total damage rate in the bottom volume,

SBV,tot =
∫

V,BV

SHI dV, (8.5)
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Figure 8.6: Distribution of the haemolysis sources in the bottom volume
for the base design B and for the design with reduced bottom volume (H-).

remains almost unchanged (23.34 · 10−12 m3/s to 22.44 · 10−12 m3/s).
The damage density doubles accordingly.

The leakage flowQleak,H also remains almost unchanged (1.16 l/min),
since a large part of the pressure drop takes place across the radial gap
and along the washout hole. Accordingly, the residence time spent in
the bottom area is reduced from 87.6 ms to about half (43.2 ms). By
reducing the hub gap, haemolysis in the bottom volume should thus be
reduced to about 60% (HI ∝ t0.7762

exp ).
In the in vitro experiments, the reduced bottom volume achieved

25% less haemolysis than the base design B. It can be assumed that
the axial movement due to the axial thrust leads to disturbances of the
boundary layers in the bottom volume, generating more haemolysis.

8.3.3 Blade Height
Velocity triangles of the flow can be influenced by changing the blade
height. For example, an increase in blade height leads to lower merid-
ional velocities, which in turn leads to a large proportion of the kinetic
energy to be converted into static pressure inside the blade channel. Ac-
cordingly, the relative speeds and thus also the wall forces in the blade
channel can be reduced. The lower meridional velocity, however, in-
creases the residence time. The reduced distance between front shroud
plate and the housing lid also has a negative effect on haemolysis. If
the size is too small, this will cause the boundary layers on the cas-
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8.3. Influence of the Geometry

ing and the impeller to unify and to cause increased shear forces (see
Section 3.3.2).

Since the change of the blade height is coupled with the change of the
shroud gap, a prediction of the haemolysis property cannot be derived
easily. For example, a larger gap generally leads to lower shear loads
for the same rotational speed. However, as the leakage flow increases,
the volumetric efficiency of the pump is reduced simultaneously, which
would call for an increased rotational speed. This would, in turn, lead
to higher shear forces, especially in the radial gap, and thus to more
serious cell damage.

The strong coupling of shear forces, residence time, and rotational
speed does not allow a simple prediction of the cell compatibility. It is
imperative to resort to simulations and experiments.

In order to better understand and present the relations, three dif-
ferent blade heights (prototypes B, B+, and B-) are examined in the
following, with otherwise same geometry. The CFD results are illus-
trated in Fig. 8.7.
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Figure 8.7: Change of the haemolysis source term with increasing blade
height.

By increasing the blade height, the axial gap above the shroud is
reduced. Shear forces are thus expected to increase. However, as can be
seen from the simulation results of the impeller B+ (Fig. 8.7 right), the
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reduced distance does not yet cause the two boundary layers to unify.
At the same time, the volumetric efficiency of the pump is improved,
thus requiring a lower rotational speed (7775 rpm instead of 7885 rpm).

Since in vitro experiments exhibit no significant improvement in
haemolysis for increased blade heights, it can be assumed that the two
effects mostly compensate each other.

A reduction of the blade height, however, leads to a significant in-
crease in haemolysis (by 50% compared to the base design B). The wider
axial gap increases the leakage flow, which is why a higher rotational
speed is required (8055 rpm instead of 7885 rpm). The shear forces in
the sidewall gaps increase as a result. Cell damage in the blade channel
also increases. An increase of the cell destruction is especially visible
near the leading edge (see left part of Fig. 8.7).

The in vitro results of the S+ design with a higher front shroud gap,
but unchanged impeller, also show that haemolysis tends to increase
when the gap is enlarged. The shroud gap should, therefore, be chosen
as small as possible, but in such a way as to ensure that the boundary
layers do not unify.

8.3.4 Blade Angle
The blade outlet angle is probably the most important parameter when
designing a hydraulically efficient pump. Industrial constructions hardly
deviate from the typical 20 − 25◦. For the cell-friendly transportation
of blood, however, the efficiency is secondary.

Although a pump with low blade angles exhibits less turbulence
losses, the required circumferential speed per pressure difference is rel-
atively high. For the pump under investigation, a curved impeller with
an outlet angle of 22.5◦, at the nominal operating point, requires a 5%
higher circumferential speed (see Fig. 8.8).

The steeper blade angle reduces the rotational speed and thus the
shear forces in the sidewall gaps. This is a crucial point to keep haemol-
ysis to a minimum. The lower efficiency and the resulting turbulence
must be tolerated.

8.3.5 Blade Length
By extending the blade beyond the shroud diameter (prototype SO),
the required rotational speed can be significantly reduced. The shear
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Figure 8.8: Comparison of the pressure-flow characteristic curve and the
pump efficiency of two impellers with outlet angles 90◦ and 22.5◦.

forces can be thus reduced, especially in the radial gap, which repre-
sents a high source of haemolysis for the base design B. During the in
vitro experiments, the required rotational speed could be reduced from
7885 rpm to 5635 rpm. According to equation (8.4), this reduces maxi-
mum shear forces in the radial gap by 30% (while neglecting the Taylor
vortices).

Accordingly, a significant reduction in cell damage would be ex-
pected. However, as additional narrow gaps are introduced around the
extended blade and more considerable turbulence occurs on the trailing
edges, this advantage is nullified.

Fig. 8.9 shows the haemolysis in the volute area, which is caused by
the unshrouded blade section. Per rotation of the rotor, five blades pass
this volute area. Since the circumferential speed of the flow considerably
decreases after leaving the shrouded part of the blade, high relative
velocities are created between the blade extension and the fluid in the
volute. The shear forces at the blade edges are correspondingly high
(τ ≈ 700 Pa).

The in vitro experiments also showed that the axial position of the
rotor is not sufficiently stabilized. This can cause the blade edge to
touch the volute wall, especially at high volumetric flows, which would
lead to additional haemolysis. It could even cause scratches and abra-
sion, which would contaminate the blood and enhance haemolysis.
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Figure 8.9: Distribution of haemolysis source term in the volute around the
protruding blade portion.

8.3.6 Increase of the Inlet Nozzle Fillet

The highest shear forces occur on the transition from the suction nozzle
to the suction mouth. A sharp change of direction of the housing wall
and a hard unification of the leakage flow Qleak,S with the incoming
flow are causing this.

To prevent this, it is advisable to increase the inlet fillet of the
suction nozzle. The fillet radius was increased from 1 mm to 6 mm
for the R+ housing variation. As a result, the flow is less abruptly
redirected, and a part of the front shroud gap is enlarged. In the area of
the volute, the shroud gap δS remains unchanged, whereby the leakage
flow Qleak,S is only slightly increased.

Fig. 8.10 illustrates the damage rate on the housing surface and in
the volume around the blade channel.

For the more rounded inlet nozzle, haemolysis in in vitro experi-
ments is reduced by about 40%. The simulation also indicates a reduc-
tion in cell damage.

The better cell compatibility is mainly due to the greatly reduced
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Figure 8.10: Distribution of haemolysis sources on the housing wall and
in the volume around the blade head. Logarithmic scaling, cropped at 2 ·
10−3 s−1.

shear forces on the inlet nozzle fillet. It should be noted that the scale
in the figure is truncated at SHI = 2 · 10−3 s−1 to better illustrate the
distribution. The local maximum of the cell damage in the base design
B is SHI,B,max = 6.6 ·10−3 s−1. Due to the larger fillet radius, this value
can be reduced to approximately SHI,R+,max = 1.8 · 10−3 s−1 in the
design R+. Thus, the damage rate caused on the inlet fillet is similar
to that on the volute tongue.

The results obtained from the in vitro experiments indicate 40% less
haemolysis than the base design.

8.4 Summary
The different cell compatibility of individual pump variations was pre-
sented using the in vitro results and explained using CFD simulations.
Significant differences compared to the base design were achieved by re-
ducing the blade height, increasing the radial gap, extending the blades,
increasing the inlet nozzle fillet, and by changing the outlet angle to 60◦.

The reduction of the blade height leads to a widening of the axial
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distance between the shroud plate and the housing lid thus increasing
the leakage through this gap and decreasing the volumetric efficiency.
As a result, a higher rotational speed is required to reach the nominal
operating point. This leads to an increased cell damage in the radial
gap.

Much of the same applies to the reduced blade angle. Due to the
decreased meridional velocity, higher rotational speeds are required.
This, in turn, causes more haemolysis in the radial gap.

Despite its small volume, the radial gap is responsible for more than
20% of the total cell damage. The damage density is highest in this
area. By narrowing the radial gap, Taylor vortices could be avoided.
However, the shear forces would increase sharply, which would result
in increased haemolysis. The widening of the radial gap results in an
enlargement of the Taylor vortices. Due to the lower relative speed, the
damage rate decreases. At the same time, the leakage along the hub is
increased. This reduces the residence time of the cells along the entire
leakage path. Enlarging the radial gap by 75% reduces haemolysis by
25%.

By extending the impeller blades beyond the shroud disk, it is possi-
ble to reach the nominal operating point at a reduced rotational speed.
This lowers the relative speed on all sidewall surfaces. Due to the ad-
ditional narrow gaps between the blade extensions and the volute, the
haemolysis in the volute increases significantly. High shear forces occur,
especially in the vicinity of blade edges, which leads to additional cell
damage. The haemolysis values achieved in the in vitro experiments
clearly exceed those of the base design.

A further reduction of cell damage can be achieved by widening the
inlet area. If the fillet radius between the inlet nozzle and the housing
lid is increased from 1 mm to 6 mm, haemolysis can be reduced by 40%.
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9
Benchmark Tests

Several in vitro experiments were conducted to evaluate the prototypes
in comparison with commercially available products. In the following,
the products used are presented, and the test conditions explained.
The haemolysis results of the base design are then compared with these
products to assess the quality of the prototypes.

9.1 Comparison Pumps
The range of products tested involves the BPX-80 (Medtronic), the
FloPump 321 (International Biophysics Corporation), and the Centri-
Mag (Abbott). Both, the BPX-80 and the FloPump are mechanically
supported by a pivot bearing. The driving torque is transmitted with a
magnetic coupling through the housing bottom. The CentriMag relies
on the technology of the bearingless slice motor (Chapter 2).

(a) BPX-80 (b) CentriMag (c) FloPump 32 (d) Prototype B

Figure 9.1: Benchmark pumps and the prototype.

All these pumps are approved for extracorporeal applications and,
in the case of the CentriMag, correspond to the current state of the art

1equivalent to RotaFlow (Maquet)
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of blood pumps.
Table 9.1 summarises the dimensions and operating points of the

different products.

Table 9.1: Overview of commercial pumps used for comparison with the
base design B.

Pump da (mm) V (ml) Qmax (l/min) nnom (rpm)

BPX-80∗ 79 80 10 3110
CentriMag∗∗ 32 (44) 31 9.9 4220
FloPump 32∗ 50 32 10 3835
Prototype B 22 15.5 9 7885
* FDA Approval, **Recalled by Abbott on August 22, 2019

Although the BPX-80 causes relatively high blood damage, it is
often used as a reference pump in the literature. Since many results
from haemolysis tests are available, it will also be tested in the following.

9.2 Test Conditions
All pumps were tested at a flow rate of 5 l/min and at a pressure dif-
ference of 350 mmHg. Bovine blood was used and tempered to 30 ◦C.
Except for the CentriMag, new and sterile packaged pump heads were
used for all competitor products. The pumps were tested on the corre-
sponding consoles.

The CentriMag was cleaned and disinfected after each use. This
procedure was also used for the prototype. The Levitronix BPS-1.4
motor was used to drive the CentriMag.

The experiments were carried out according to Section 5.3.

9.3 Haemolysis Comparison
The results of several in vitro haemolysis tests are listed in Tab. 9.2.
The base design B causes five times less haemolysis than the BPX-80,
about 2.5 times less than the FloPump 32 and about 30% less than the
CentriMag.
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Table 9.2: In vitro benchmark tests of the base design B with regard to
commercial products. The p-value refers to a two-sided t-test relative to the
base design, assuming unequal variance.

Pump NIH(mg/dl) Std (mg/dl) p N Volume (ml)

BPX-80 0.0502 0.0422 0.001 14 80
FloPump 32 0.0261 0.0141 0.058 5 32
CentriMag 0.0132 0.0051 0.040 24 31
B 0.0096 0.0043 - 16 15.5

As shown in Chapter 8, the cell compatibility of the base design B
can be further reduced by up to 30–40% by enlarging the radial gap or
rounding off the inlet nozzle. Accordingly, these designs cause about
half the haemolysis as the best of the tested competitor products does.
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Summary and Outlook

10.1 Summary

A majority of the blood pumps required in the medical field is used
in extracorporeal applications. The pumps take over the heart func-
tion and maintain blood circulation during operations, or function as a
bridge-to-transplant. However, the excessive mechanical stresses acting
on cell membranes, when blood is pumped, lead to cell damage. This
can cause renal and multi-organ failure with severe consequences.

In the present work, the cell damage mechanisms in a bearingless
centrifugal pump were investigated in detail. For this purpose, two
common topologies of bearingless slice motors were analysed, and their
working principle derived. The slotless motor topology causes hardly
any stator harmonics and is, therefore, suitable for applications requir-
ing high rotational speed. The slotted temple motor is suitable for
applications requiring high torque due to its sizeable winding space.

The Cordier diagram was used to investigate the efficiency of both
topologies for pumping applications. It has been shown that the slotless
topology only offers an advantage in terms of efficiency for applications
demanding low pressure differences. The slotted temple motor is better
suited for extracorporeal applications, which require a pressure differ-
ence of more than 100 mmHg.

After selecting a radial centrifugal pump, its function, loss mech-
anisms, and the hydraulic forces generated were explained. Based on
a literature review, the hydraulic properties of blood and cell damage
were described in detail. The most important factors influencing extra-
corporeal circulatory support concerning blood damage are the shear
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forces, surface quality, and static pressure. In addition, possibilities for
estimation of cell damage by means of simulations were presented.

Based on the findings, several prototypes were produced to inves-
tigate the damage mechanisms in bearingless centrifugal pumps. Ad-
ditionally, test benches were set up to determine the influence of the
surface quality, static pressure, and shear forces on cell damage.

Different methods for modeling cell damage were implemented in
CFD simulations and compared with results from in vitro experiments.
It was shown that results with deviations of just a few percent can
be achieved with a suitable selection of the model parameters. It is
also possible to estimate trends with regard to changes in geometry pa-
rameters. However, the sensitivity of the simulations to such changes
is significantly lower than that of the in vitro experiments. Further-
more, essential factors such as the surface quality and the dynamics of
the rotor cannot be taken into account due to the low data available
and the limited computing power. In vitro examinations are therefore
indispensable.

With the help of in vitro experiments, the importance of a high
surface quality was emphasized. It turns out that the threshold value of
Ra ≈ 0.4µm, given in the literature, is sufficient only under atmospheric
conditions. At a static pressure of approx. 1 bar, surface roughness of
Ra < 0.2µm already leads to significantly increased cell damage. The
surface of the casing is decisive for the pumps considered, as it is more
than twice as large as the impeller surface. The surface quality must be
consistently high. Even small local defects lead to a significant increase
in haemolysis.

Based on the CFD simulations, including the results obtained by in
vitro experiments, the following chapters analysed the flow conditions
in the pump and identified critical regions concerning the cell damage.
The essential factors here are the shear forces in the radial gap, between
the front shroud disk and the housing lid, as well as the fillet radius
of the inlet nozzle. By taking appropriate measures at these locations,
cell damage can be almost reduced by half.

Finally, the prototypes were compared in in vitro experiments with
FDA-approved commercial pumps. It is shown that the haemolysis
of the best prototype is 50% lower than that of the market-leading
products.
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10.2 Outlook
With the knowledge gained in this work and the help of the implemented
simulation models, the existing designs can be further improved. The
combination of the best prototypes is already expected to lead to an
improvement in cell compatibility. Since the radial gap and the fillet
radius of the inlet nozzle are barely coupled, haemolysis can be further
halved by combining these two variations.

The axial flow, which occurs in the centre of the impeller, partly
blocks the leakage flow through the washout hole. As shown, this causes
large velocity gradients and, therefore, high shear forces. Alternative
designs, e.g., with a baffle plate above the washout hole, should be
investigated. With knowledge of the leakage volume, a baffle plate
can be designed in such a way that the shear forces at the impeller inlet
hardly change, and the leakage flow along the hub increases. The extent
to which a surface, additionally introduced in this way, contributes to
cell destruction must be investigated experimentally.

Further investigations should also be carried out on topologically
different pump types. Only radial pumps were examined in this work.
The extent to which this design is better or worse than, for example,
diagonal pumps or double flow impellers must be investigated.

The dominant influence of surface was highlighted and substantiated
in this work. Due to the high pressure difference, a further improve-
ment of the haemolysis rate can be expected through better surface
treatment. Further improvement in surface quality is possible, particu-
larly in case of a serial production using injection moulding.

In order to improve the agreement of CFD simulations with in vitro
experiments, the surface roughness should be considered in the simula-
tions. This can be done using an additional source term for the trans-
port equations. However, further in vitro investigations are necessary
to determine the source term.
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A
Forces in Magnetic Fields

A.1 The Macroscopic Maxwell’s Equations
The macroscopic Maxwell’s equations represent a space average of the
microscopic equations and distinguish the free current density ~jfree from
the magnetization ~M bound to matter.

The magnetic induction thus is given by

~B = µ0( ~H + ~M). (A.1)

For a linear material, the following applies

~B = µ ~H. (A.2)

The Maxwell’s equations then read as

∇ · ~D = ρfree (A.3)

∇× ~H = ~jfree + ∂ ~D

∂t
(A.4)

∇× ~E = −∂
~B

∂t
(A.5)

∇ · ~B = 0. (A.6)

The current density is ~jfree = σ ~E.
In the magnetostatic case, the Lorentz formulation (by eliminating

~D and ~H) results in

∇× ~B = µ0~jfree + µ0∇× ~M. (A.7)
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In this formulation, magnetic dipoles are modeled as gyroscopic cur-
rents. They are bound to matter and do not contribute to the free
current density.

A.2 Boundary Conditions
On the boundary surface between two materials with normal vector ~n,
boundary conditions apply

~n ·
(
~B2 − ~B1

)
= 0, (A.8)

~n×
(
~H2 − ~H1

)
= ~jA, (A.9)

where ~jA represents the current density on the interface.
The normal component of the flux density Bn is thus continuous

across the boundary surface. The same applies to the tangential com-
ponent of the magnetic field strength Ht if no surface currents flow on
the interface.

Bn,1 = Bn,2 (A.10)
Ht,1 = Ht,2 (A.11)

Fig. A.1 illustrates the field lines on an interface between two media
with relative permeabilities µr,1 and µr,2.

Figure A.1: Deflection of the field lines for transition into a matter of
different permeability.
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A.3 Forces in the Magnetic Field
The Minkowski tension tensor and Minkowski force density [121] are
used to describe the force effect in bearingless motors. Although this
description is not able to take into account effects such as magnetostric-
tion, it is sufficient to capture the dominant forces. These are mainly
Lorentz and reluctance forces for the motors considered.

A comprehensive explanation of the various stress tensors and force
densities can be found in [122].

A.3.1 The Minkowski Stress Tensor
The Minkowski stress tensor is given by

σ = 1
2

(
~DT · ~E + ~BT · ~H

)
I− ~D ⊗ ~E − ~B ⊗ ~H. (A.12)

For the magnetostatic case in an isotropic material, equation (A.12)
can be simplified to

σ = µ ~H ⊗ ~H − 1
2µ( ~HT · ~H)I (A.13)

= µ

H2
x − H2

2 HxHy HxHz

HyHx H2
y − H2

2 HyHz

HzHx HzHy H2
z − H2

2

 , (A.14)

where H2 =
∑
iH

2
i was used. Alternatively, in component notation

σij = µHiHj −
1
2µHkHkδij . (A.15)

Here, the Einstein summation convention applies.

A.3.2 Surface Forces on Boundary Surfaces
The force surface density acting on a surface A with normal vector ~n
results from

~fA = σ · ~n = µ
(
~H · ~HT

)
~n− 1

2µ( ~HT · ~H)~n = 1
2

(
2µ ~HHn − µH2~n

)
.

(A.16)
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If the surface force is divided into a normal and a tangential component,
the following is obtained

~fA = µ

2

(
H2

n −H2
t

2HnHt

)
= 1

2

(
B2

n
µ − µH

2
t

2BnHt

)
. (A.17)

When considering a boundary crossing on a surface from permeabil-
ity µ1 with normal vector ~n1 to a permeability µ2 with normal vector
~n2 = −~n1, the two surface forces are given by

~fA1 = σ1 · ~n1 = 1
2

(
B2

n
µ1
− µ1H

2
t

2BnHt

)
, (A.18)

~fA2 = −σ2 · ~n1 = −1
2

(
B2

n
µ2
− µ2H

2
t

2BnHt

)
. (A.19)

The boundary conditions Bn,1 = Bn,2 = Bn and Ht,1 = Ht,2 = Ht were
used.

The resulting force on the boundary surface is finally determined
with vector addition of the forces acting on both sides:

~fAG = ~fA1 + ~fA2 =
((

1
µ1
− 1

µ2

)
B2

n + (µ2 − µ1)H2
t

0

)
. (A.20)

Thus, the reluctance force always acts perpendicular to the boundary
surfaces.

At the transition from one medium to another with strongly different
permeability (µ2 >> µ1), the reluctance force is simplified to

~fAG = 1
2µ1

B2
n~n1 = 1

2µ1
B2~n1. (A.21)

A.3.3 Volume Forces
External forces act on the surface ∂V of any considered volume element
V , observed as a cut-out from its surroundings. The resulting force ~FV
on the volume element V can, therefore, be calculated as

~FV =
∫
∂V

σ · d ~A. (A.22)
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By applying Gauss’s theorem extended to tensors, the following ap-
plies

~FV =
∫
∂A

σ · d ~A =
∫
V

∇ · σ dV =
∫
V

~fV dV, (A.23)

where

(∇ · σ)j =
∑
i

(
∇i(µHiHj)−∇i

(
1
2µH

2δij

))
. (A.24)

When considering a volume element located in a homogeneous ma-
terial, µ 6= µ(~x) applies. The following results:

(∇ · σ)j =
∑
i

(
(∇i ·Bi)Hj + (Bi · ∇i)Hj −

1
2µ(∇iH2)δij

)
(A.25)

=
∑
i

1
µ

(
(∇i ·Bi)Bj + (Bi · ∇i)Bj −

1
2∇iB

2)δij
)

(A.26)

∇ · σ = 1
µ

(
(∇ · ~B) ~B + ( ~B · ∇) ~B − 1

2∇B
2
)
. (A.27)

With aid of the vector identity
1
2∇B

2 = ~B × (∇× ~B) + ( ~B · ∇) ~B, (A.28)

it follows:
~fV = ∇ · σ = 1

µ

(
(∇ · ~B) ~B − ~B × (∇× ~B)

)
(A.29)

= 1
µ

(∇× ~B)× ~B (A.30)

= (∇× ~H)× ~B = ~jfree × ~B. (A.31)

This corresponds to the Lorentz force on the unbound charge carri-
ers.

If previous considerations are generalised and a linear isentropic
medium with µ = µ(~x) is assumed, an additional term appears. The
resulting volume force density can be written as [123]

~fV = ~jfree × ~B − 1
2H

2∇µ. (A.32)

This is called the Minkowski force density.
It becomes clear that the volume force can be divided into Lorentz

and reluctance forces.
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