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Abstract— This paper details the optimization of inductive
power transfer (IPT) coil systems with respect to efficiency η
and area-related power density α as required in electric vehicle
applications. Based on analytical calculations and finite-element
models, which are discussed and experimentally verified in detail,
generally valid design guidelines for high-power IPT systems
are derived, and the η-α-Pareto optimization of a scaled 5 kW
prototype system is presented. Experiments demonstrate a dc-to-
dc conversion efficiency of more than 96.5% at a power density
of 1.47 kW/dm2 with coils of 210 mm diameter/52 mm air gap,
including the losses in the resonant capacitors and the power
converter. Field measurements validate the predicted stray field
with a calculation error of less than 10%.

Index Terms— Electric vehicles, finite-element modeling, induc-
tive power transfer, Pareto optimization.

I. INTRODUCTION

ELECTRIC and hybrid electric vehicles (EV/HEV) have
become more and more popular in recent years, in an

attempt to reduce the global consumption of fossil fuels.
Depending on the form of electricity production, they can have
a significantly smaller carbon footprint when compared with
traditional vehicles and may at the same time offer a cost
advantage due to reduced operating cost. As an alternative to
conventional battery charging systems, inductive power trans-
fer (IPT) was recently proposed for the recharging of EV/HEV
traction batteries [1]–[5]. Due to the significant simplification
of the charging process provided by a contactless system,
IPT brings forward the convenience for the users and could,
therefore, be a crucial factor for a further increase of the
popularity of EV/HEV.
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I. Stevanović was with ABB Switzerland Ltd., Corporate Research, Baden-
Dättwil 5405, Switzerland. He is now with the Federal Department of the
Environment, Transport, Energy, and Communications, Biel 2501, Switzerland
(e-mail: ivica.stevanovic@bakom.admin.ch).

B. Wunsch and F. Canales are with ABB Switzerland Ltd., Corporate
Research, Baden- Dättwil 5405, Switzerland (e-mail: bernhard.wunsch@
ch.abb.com; francisco.canales@ch.abb.com).

Color versions of one or more of the figures in this paper are available
online at http://ieeexplore.ieee.org.

Digital Object Identifier 10.1109/JESTPE.2014.2311302

When designing an IPT system for use in an EV/HEV,
a number of constructive boundary conditions must be
respected. If no additional mechanical positioning aids for the
alignment of the coils are desired, the air gap is given by
the construction of the vehicle and the layout of the charging
station. The space for the receiver coil on the underfloor of
the vehicle and the allowable weight of the components are
typically limited, and a high power density of the converter
systems and, particularly, a high area-related power density α
of the IPT coils is required. In addition, the transmission effi-
ciency η should be as high as possible to simplify the thermal
management of the systems. Another design constraint arises
from the limitation of the magnetic stray field in the vicinity
of the coils. In order to prevent health risks resulting from
induced electric fields in human tissue, specifically in the brain
and the retina, the stray field is limited by standards [6], [7].
Due to the high power level of EV/HEV battery charging
systems, this becomes a challenge in the system design.

The magnetic design of the transmission coils is of key
importance in order to satisfy the requirements of a high
efficiency and a high power density. Therefore, it is shown in
this paper how the two performance indices efficiency η and
area-related power density α are related and that a tradeoff is
encountered in the optimization of transmission coils for IPT
systems, similar to many other power electronic systems [8].
As shown in [9]–[12], a figure-of-merit FOM = k Q given by
the product of the magnetic coupling k of the IPT coils and
the inductor quality factor Q limits the maximum efficiency of
the power transmission to approximately ηmax ≈ 1−2/(k Q).
Therefore, a high transmission efficiency can be achieved if
large coils with a high magnetic coupling are used, which
implies a low power density. A higher power density can be
achieved if smaller coils are used; however, only a reduced
efficiency can be reached even if the quality factor can be
increased, e.g., by means of a higher transmission frequency,
because of increasing losses in the power electronics and in
the core materials that are typically used for flux guidance.
This tradeoff is best described by the η-α-Pareto front, which
is a physical performance boundary given by the set of designs
for which an increase of one of the performance indices η or α
results in a decrease of the other. This set of designs is termed
the Pareto-optimal designs.

Even though a large number of magnetic structures for
IPT coils have been proposed in the literature, no system-
atic way for optimizing the magnetic design of IPT coils
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under consideration of the tradeoff between the transmission
efficiency and the area-related power density was presented
so far. Therefore, this paper aims to provide a framework for
the magnetic optimization of IPT coils, which allows finding
the Pareto-optimal designs for a given coil geometry in a
systematic manner. Finite-element (FE) models, which are
presented in detail and experimentally verified using field and
power loss measurements on a 5 kW experimental prototype,
are used to derive the η-α-Pareto front for an example coil
geometry. The necessary considerations in the selection of a
transmission frequency and a resonant compensation topology
are highlighted and discussed based on the results of the Pareto
optimization.

This paper is structured into six sections. In Section II,
general guidelines for the design of series–series and series–
parallel compensated IPT systems are presented. Conditions
for the design of the transmission coils are derived from ana-
lytical design equations. Based on a comparison of different
fundamental coil shapes, in Section III, an example geometry
is selected for the η-α-Pareto optimization. A winding scheme
for circular spiral coils that leads to a high magnetic coupling
is presented as a basis for the following sections. The FE
models used for the Pareto optimization and the calculation
methods for the power loss in the inductor windings and the
employed core elements are presented in Section IV. Based
on the guidelines derived in Section III and using the FE
models from Section IV, an η-α-Pareto optimization for the
chosen coil geometry is performed and the tradeoff between
the efficiency and the power density is analyzed in Section V.
It is shown how a constraint on the magnetic stray field and
a thermal model are included in the optimization. From the
results, a Pareto-optimal design is selected and an experimental
prototype is presented for an output power of 5 kW at a
transmission frequency of 100 kHz. The measurement results
are presented in Section VI to validate the design process and
demonstrate the accuracy of the used FE calculation models.
The measured dc-to-dc efficiency of the presented prototype
is 96.5% at an area-related power density of 1.47 kW/dm2 and
5 kW output power (coil diameter 210 mm/air gap 52 mm).
Concluding remarks are given in Section VII.

II. IPT SYSTEM

A block diagram of a typical IPT system operating from
the single-phase 230 V/50 Hz grid is shown in Fig. 1(a). An
ac–dc converter with power factor correction (PFC) for the grid
current is used to produce a controllable dc-link voltage for the
IPT system. The IPT system itself consists of an inverter stage
at the transmitter side, resonant compensation networks for the
transmitter and the receiver coil, and a rectifier circuit at the
receiver side. Passive filtering and another dc–dc converter are
commonly used to reduce the switching frequency ripple of
the charging current and to control the current or the voltage
at the interface to the battery.

The specifications of an IPT system typically include the
output power P2 needed for the charging of the battery, the
air gap δ across which the output power must be transmitted,
and a maximum size for the receiver and the transmitter coil.

Fig. 1. Block diagram of an IPT system for the charging of the traction
battery on an EV/HEV from the 230 V/50 Hz single-phase grid.

TABLE I

SPECIFICATIONS OF THE PROTOTYPE IPT SYSTEM

The air gap and the maximum coil size are often given by the
geometrical constraints of the application at hand and cannot
be changed in the design process. An example specification,
which will be used for the design process presented in this
paper, is given in Table I. A small-scale IPT system is designed
and implemented for an output power of 5 kW and an air gap
of 52 mm. For the size constraint, a maximum diameter of
300 mm is assumed for both coils. This constraint is generous
considering the air gap of 52 mm, but it will help to highlight
the tradeoffs encountered in the selection of a coil size, which
will be discussed in detail in Section V, where the prototype
system is designed with a coil diameter of 210 mm.

Due to the limited blocking voltages of power semicon-
ductors and the limited current-carrying capability of the
components of the employed power electronic converters, also
nominal voltages for the dc interfaces of the IPT system at
the power supply and the battery are typically included in
the specifications. Traction batteries for EV/HEV typically
operate at nominal voltages of 300–400 V, hence the IPT
system presented in this paper is designed for an output voltage
U2,dc of 350 V. As shown in Fig. 1, in a practical application,
the input voltage U1,dc is likely provided by a PFC circuit
from the single-phase 230 V/50 Hz grid. Therefore, a nominal
input voltage of 400 V is specified for the IPT system.

Before proceeding to the magnetic optimization, as a first
step in the design of the IPT system, a suitable topology for
the resonant compensation networks at the transmitter and the
receiver coil must be chosen considering the power and voltage
levels and a target switching frequency of the power electronic
converters. This will be discussed in the remainder of this
section.

A. Possible Resonant Compensation Methods

Due to the inherently large air gap of the IPT system, the
magnetic coupling of the IPT coils is low when compared
with a traditional transformer. In order to achieve a high
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Fig. 2. Equivalent circuit diagrams of a (a) series–series compensated IPT
system with a capacitive output filter and (b) series–parallel compensated IPT
system with an inductive output filter at the receiver side.

transmission efficiency despite the high leakage inductance, a
resonant compensation of the receiver coil L2 is needed [10].
This is typically implemented with a resonant capacitor C2
connected either in series or parallel to the receiver coil,
as shown in Fig. 2(a) and (b). Note that, depending on the
compensation method, also the topology of the output filter at
the receiver side is adapted. The resonant frequency f0 of the
receiver-side resonant circuit is an important design parameter,
which must be chosen according to the employed type of
power semiconductor (MOSFET or Insulated-Gate Bipolar
Transistor (IGBT)) and other factors, that will be discussed
in detail in Section V. At this point, the resonant frequency is
assumed to be a given design parameter.

To reduce the power requirements for the power electronic
converter at the transmitter side, another resonant capacitor C1
is connected to the transmitter coil L1. In this way, the phase
angle of the input impedance of the resonant circuit as seen by
the transmitter-side power converter can be reduced to zero at
the resonant frequency, which implies that only active power
must be processed by the power converter at this frequency.
A parallel compensation of the transmitter coil is also possible,
but requires an additional inductor connected in series between
the resonant tank and the power converter. This topology is
useful for contactless power distribution networks in industrial
sites, where a high circulating current is controlled in a track
to supply multiple receivers [13]. For a system with only one
receiver, as considered in this paper, the power losses in the
additional inductor, which must carry the full load current, can
be avoided using a series compensation of the transmitter coil.

To decide whether the receiver-side compensation capacitor
should be connected in series or parallel to the receiver coil,
the geometrical constraints, the power level, and the require-
ments in terms of a coil misalignment of the targeted appli-
cation must be considered. To enable a deeper understanding
of the involved tradeoffs, in the next section, a mathematical
model for both compensation methods is presented with the
help of the definitions given in Table II, which are briefly
introduced in the following.

TABLE II

DEFINITIONS FOR THE DESCRIPTION OF THE RESONANT CIRCUIT

The magnetic coupling k of two magnetically coupled coils
is defined by the ratio of the mutual inductance Lh and the
geometric mean of the two self-inductances L1 and L2

k = Lh√
L1 L2

. (1)

Using the definition given in [14], the transmitter and
receiver coil quality factors are given as

Qi = 2π
WLi

Ploss,i/ f0
≈ ω0 Li

Ri
(2)

where i = 1, 2 stands for the transmitter the receiver coil,
respectively. WLi is the peak energy stored in the inductor Li ,
and Ploss,i is the corresponding average power loss. The given
approximation is valid under the assumption that the losses in
the core material of the IPT coils are small compared with
the copper losses and the power loss in the IPT coils can
be modeled by parasitic resistances Ri connected in series
to the self-inductance of each coil. It will be shown later in
this paper that this simplification is valid for the presented
prototype design.

Using the analysis given in [15], the load circuit at the
receiver side can be modeled as an equivalent load resistance

RL,eq = 8
π2

U2
2,dc

P2
(3)

for the converter topology of the series–series compensated
IPT system shown in Fig. 2(a). If an inductive output filter is
used for the series–parallel compensated IPT system, as shown
in Fig. 2(b), the model must be modified to include the current
source behavior of the load, which results in

RL,eq = π2

8

U2
2,dc

P2
. (4)

Based on the load model, the load matching factor γ can
be defined as

γ = RL,eq

ω0 L2
. (5)

In the literature on resonant converters, in addition to the
load matching factor, other definitions can be found, such as
the loaded quality or the damping. The significance of the load
matching factor will become evident hereinafter.



BOSSHARD et al.: MODELING AND η-α-PARETO OPTIMIZATION OF IPT COILS FOR EVs 53

Fig. 3. (a) Spectrum Û 1(n) of the block-shaped voltage at the input of the
resonant tank and magnitude of the input admittance Y in as a function of the
frequency (parasitic capacitances neglected). (b) Spectra of the transmitter coil
current Î 1(n) and the receiver coil current Î 2(n). The fundamental components
of both currents are more than 30 dBA higher than the first nonzero harmonic
component (parameters: prototype system of Section VI).

For the following analysis, it is assumed that the cur-
rents in the transmitter and the receiver coils contain only a
fundamental component, which is readily validated: for the
rectangular output voltage waveform of the inverter bridge
legs, the spectrum is calculated as

|Û1(n)| = 4
π

Udc

n
sin (n f0tonπ) (6)

for odd harmonic orders n and the ON-time ton of the applied
positive or negative voltage pulse. The spectrum of the voltage
waveform u1 is shown in Fig. 3(a). The resulting currents in
the IPT coils i1 and i2 both depend on the magnitude of the
input admittance Y in, which is also shown in Fig. 3(a) for the
parameters of the prototype system presented in Section VI.
From the spectra of the inductor currents, which are shown
in Fig. 3(b), it is evident that their fundamental component
is more than 30 dBA higher than their first nonzero harmonic
component. Consequently, it is sufficient to use the fundamen-
tal frequency of the system for the model and neglect all higher
harmonic orders.

B. Series–Series Resonant Compensation

In the following, the maximum transmission efficiency
ηmax of the series–series compensated IPT system shown in
Fig. 2(a) is calculated. It was shown in [10]–[12] that a
series–series compensation with

C1 = 1

ω2
0 L1

and C2 = 1

ω2
0 L2

(7)

leads to the highest efficiency of the power transmission,
independently of the magnetic coupling and the load. For this

design, the total loss factor λ = Ploss/P2 can be calculated as

λ = 1
γ Q1k2

!
γ + 1

Q2

"2

+ 1
γ Q2

(8)

which has a minimum at the optimal load matching factor

γSS,opt = 1
Q2

#
1 + k2 Q1 Q2. (9)

The maximum transmission efficiency ηmax of the IPT
system at the point where γ = γSS,opt is given by

ηmax = k2 Q2

$
1 +

#
1 + k2 Q2

%2 (10)

where the inductor quality factor Q = √
Q1 Q2, defined as

the geometric mean of the two coil quality factors Q1 and
Q2, is introduced for better readability. From (10), it becomes
apparent that the maximum efficiency of an IPT system is
limited by the product of the magnetic coupling k and the
inductor quality factor Q. Therefore, the quantity

FOM = k Q (11)

is termed the FOM of IPT systems.
The maximum transmission efficiency ηmax can only be

reached if the load is optimally matched to the receiver
inductance according to (9). For equal and large coil quality
factors Q1 and Q2, the optimal load matching factor (9) can
be approximated by

γSS,opt ≈ k. (12)

Therefore, a design rule for the reactance ω0 L2 of the
receiver coil follows from the matching condition

ω0 L2 = RL,eq

γSS,opt
≈ RL,eq

k0
(13)

where k0 is the magnetic coupling of the IPT coils in their
nominal position.

At the resonant frequency f0, the voltage transfer ratio
|GSS,v | is calculated as

|GSS,v | =
&&&&&
Û2

Û 1

&&&&& = U2,dc

U1,dc
= γ

k

'
L2

L1
(14)

and from (12) follows a design rule for the transmitter coil

L1 ≈ L2 ·
!

U1,dc

U2,dc

"2

(15)

to implement a specific voltage transfer ratio.
Note that in order to avoid a phenomenon termed pole

splitting or bifurcation in [16]–[18], it is necessary to deviate
from the stated design rules by about 15%–25% for the
receiver inductance L2 in a practical design. However, this is
not discussed further in this paper, since the provided design
considerations apply regardless.
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C. Series–Parallel Resonant Compensation

A similar calculation is also possible for the series–parallel
compensated IPT system shown in Fig. 2(b). It was shown
in [9], [10], and [12] that the same maximum transmission
efficiency (10) as for the series–series compensated system can
also be achieved in the case of a series–parallel compensation
and that the same FOM = k Q is valid. However, in this case, it
is also possible to achieve a load-independent voltage transfer
ratio

|GSP,v | =
&&&&&
Û2

Û1

&&&&& = π2

8
U2,dc

U1,dc
= 1

k0

'
L2

L1
(16)

while a high efficiency and zero phase angle of the input
impedance at the resonant frequency can be guaranteed over
the whole output power range [19], [20]. An operating point
with load-independent voltage gain also exists for the series–
series compensated IPT system; however, the phase angle
of the input impedance exhibits a high load dependency.
This leads to a large amount of circulating reactive power
in the resonant circuit and a reduced efficiency in partial-load
conditions. In addition, the switched current of the transmitter-
side power semiconductors is higher, which depending on
the employed semiconductor technology could lead to higher
switching losses.

For the design of a series–parallel compensated IPT system
with constant-voltage transfer ratio, the resonant capacitors
must be chosen as

C1 = 1

ω2
0 L1(1 − k2

0)
and C2 = 1

ω2
0 L2

(17)

where k0 is again the magnetic coupling of the coils in their
nominal position. The optimal matching factor that leads to
the highest efficiency is

γSP,opt =
'

1 + k2
0 Q1 Q2 + Q2

2

1 + k2
0 Q1 Q2

(18)

which for equal and large coil quality factors Q1 and Q2 can
be approximated by

γSP,opt ≈ 1
k0

(
1 + k2

0 . (19)

A design rule for the reactance ω0 L2 of the receiver coil of
a series–parallel compensated IPT system follows as

ω0 L2 = RL,eq
k0(

1 + k2
0

(20)

and the design rule for the transmitter coil is

L1 ≈ L2 ·
!

8
π2k0

U1,dc

U2,dc

"2

. (21)

It is clear that due to the coupling dependent selection
of the transmitter-side resonant capacitance C1 according to
(17), this design is sensitive to coil misalignment. If the IPT
coils are misaligned, the transmitter-side power converter must
process reactive power and the efficiency of the power transfer
will be reduced due to additional conduction losses and
increased losses in the power electronics. However, if a coil

Fig. 4. Comparison of the efficiency η for a series–series compensated IPT
system and a series–parallel compensated IPT system as a function of the load
matching factor γ and the parameters (a) magnetic coupling (k =0.1 , . . . , 0.5,
steps of 0.05) and (b) inductor quality factor (Q = 100 , . . . , 300, steps of 25).

misalignment is not possible due to the layout of the system,
e.g., for the IPT coils of a contactless gate drive supply, this is
a favorable solution because it is insensitive to load variations
and does not inherently require a communication link between
the receiver and the transmitter.

D. Selection of a Compensation Method

Based on the mathematical derivations above, a criterion
for the selection of a compensation method can be found.
A comparison of the optimal load matching factor for the
series–series compensation (12) and the series–parallel com-
pensation (19) shows that the value is significantly higher
in the latter case. This implies that for a given load and
the same magnetic coupling, the series–series compensation
method requires a higher receiver coil reactance ω0 L2 than
the series–parallel compensation method. Accordingly, if the
two IPT systems are designed for the same resonant fre-
quency, the series–parallel compensation method requires a
smaller receiver coil self-inductance than the series–series
compensation method. As an illustration, Fig. 4 shows a
comparison of the achieved efficiency as a function of the load
matching factor for different values of the magnetic coupling
k and inductor quality factor Q. The required component
values for the two compensation methods for the specifications
considered in this paper are shown in Fig. 5 as a function of
the transmission frequency.

At higher power levels, the size of the coils must typ-
ically be increased to obtain the surface area required for
sufficient cooling. With the coil size, also the realizable
inductance increases. Therefore, for a high-power IPT system,
a series compensation topology is preferable, because the low
inductance required of the receiver coil in the parallel case
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Fig. 5. Required (a) inductance and (b) capacitance values for the series–
series (SS) and the series–parallel (SP) compensation method as a function
of the transmission frequency according to the derived design rules and the
specifications of Table I.

is hardly realizable and a reduction of the frequency is
undesirable in many applications, e.g., because of the human
(and animal) hearing range. At a low power level, a parallel
compensation of the receiver coil is possible if smaller coils are
used. It should particularly be considered for a minimization of
the receiver coil size, e.g., in biomedical applications, or any
application where a constant voltage transfer ratio without the
necessity for feedback control is desired.

The series–series compensation method has a number of
other advantages. As shown in (7), the compensation capaci-
tances are selected independently of the magnetic coupling or
the load. Consequently, the system exhibits a low sensitivity to
coil misalignment, and the resonant frequency of the resonant
circuit is constant if no component tolerances are present
in the system. In addition, since a capacitive filter may
be used at the output, the additional filter inductor needed
for the series–parallel compensation method can be omitted.
This reduces the losses and the volume of the receiver-side
power electronics. At the same time, it leads to zero-current
switching of the rectifier diodes on the receiver side, which
reduces switching losses due to reverse recovery, while it also
avoids electromagnetic interference that could result from hard
switching.

A commonly discussed disadvantage of the series–series
compensation method is the load dependency of the voltage
transfer ratio, which could complicate the control and reduce
the partial-load efficiency of the system. However, a calcula-
tion of the transferred power of the IPT system

P2 = 8
π2

U1,dcU2,dc

ω0 Lh
(22)

shows that if the two dc-link voltages U1,dc and U2,dc are
used for the control of the power transfer by means of
additional dc–dc converters, as shown in [5], the series–series
compensated IPT system features an excellent partial load
behavior. An elegant control method is possible because the
output power can be reduced by reducing either or both of the
dc-link voltages while the IPT system continues to operate
at resonance, which guarantees a high transmission efficiency
even in partial-load conditions.

The good performance and the simplicity of this solution
are believed to outweigh the additional losses of the required
dc–dc converters. Moreover, for a system with the complexity

Fig. 6. (a) Schematic drawings of the compared fundamental coil geometries
with equal coil area Ac. (b) Comparison of the calculated magnetic coupling
k of the fundamental coil geometries as a function of the coil area Ac for an
air gap of 52 mm.

of an EV/HEV battery charger, the additionally required com-
munication is considered an acceptable compromise. Given
these considerations, for the specifications in Table I, a series–
series compensation is found to be most practical and will,
therefore, be used for the design of the prototype system.

III. SELECTION OF A COIL GEOMETRY

In the previous analysis, it is shown that the FOM = k Q
limits the maximum transmission efficiency of IPT systems,
independently of the compensation method. Hence, an opti-
mization of the IPT coil geometry with respect to the two
parameters, magnetic coupling k and inductor quality factor Q,
is the next step.

For coil designs that include core materials or that have
unconventional geometric shapes, FE tools are required for
the optimization as analytical calculations are hardly possible.
These tools allow calculating equivalent circuit parameters
of the coil, predicting the electromagnetic losses in the used
materials, dimensioning of the core to avoid saturation, as well
as calculation of the stray fields. However, as a starting point
for an FE-based efficiency and power density optimization, a
fundamental coil geometry and guidelines on how to scale this
coil geometry are needed. Therefore, a general understanding
of the fundamental relations that contribute to the FOM is
provided in this section.

A. Optimization of the Magnetic Coupling k

Typical shapes of IPT inductors include circular, square,
and rectangular structures [Fig. 6(a)]. In order to compare the
magnetic coupling obtained from the different coil shapes, a
3-D FE tool was used to construct models of a circular, a
square, and a rectangular coil geometry in different sizes. For
all models, a conductor diameter of 1 mm is used and the
number of turns is set to one, i.e., the winding is concentrated
at the outer edge of the coil. The air gap is 52 mm, and the
rectangular coil is designed with a width to length ratio of 1:2.

The results for the magnetic coupling as a function of the
coil area are shown in Fig. 6(b). A circular coil geometry leads
to a higher magnetic coupling for a given coil area, which
implies a higher transmission efficiency for the same area-
related power density of the IPT coil. This can be explained by
the distortion of the field distribution around the corners of the
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Fig. 7. (a) Schematic drawing of a single-layer spiral coil. (b) Dependency
of the magnetic coupling k on the inner radius Ri of two equal spiral coils
with a fixed outer radius Ra = 105 mm, shown for three different air gaps δ.

square and the rectangular coil shape. However, depending on
the aspect ratio of the available space in a practical application,
a rectangular coil might be preferable over a circular shape if
it would be possible to enclose a significantly larger area.

The next step after the selection of an inductor shape is the
design and the placement of the windings on the coil area.
Using the analytical models given in [21] for the calculation
of circular air coils, an optimal winding scheme is derived
in [22]. It is shown that for a single-layer spiral coil made
from litz wire and with fixed inner and outer radii [Fig. 7(a)],
the way how the area covered by the winding is divided into
individual turns has a negligible effect on the magnetic cou-
pling. Furthermore, if high-frequency effects are neglected and
extreme or inhomogeneous cases are avoided, the conductor
diameter, the separation of the conductors, and the number
of turns may be chosen arbitrarily as long as the inner and
the outer coil radii are not affected. Therefore, these degrees
of freedom can be used for an optimization of the inductor
quality factor and to design the self-inductances according to
the design rules state above. The inner and the outer radii
of a spiral coil are the two parameters that mainly determine
the magnetic coupling. For a given outer radius, a smaller
inner radius always leads to an improved magnetic coupling;
however, as soon as the inner radius is about half of the
outer radius, the additional increase of the magnetic coupling
becomes small. The calculated result for the magnetic coupling
as a function of the inner radius Ri is shown in Fig. 7(b)
for Ra = 105 mm. A similar result is also presented in [23],
where Ri/Ra = 0.4 was found as the ratio where no further
improvement is observed.

The magnetic coupling can be increased further if a ferrite
core structure similar to a pot core is used. This would also
allow producing a higher inductance for a given inductor
volume, which could potentially lead to an increased power
density of the IPT coils. It is expected that a similar analysis
including a core would lead to comparable results and, there-
fore, for this section, no core was considered. However, a core
will be included in the FE-based optimization presented in the
later sections of this paper.

In addition, only single-layer windings have been consid-
ered. This design was chosen as an example, because flat coil
designs are preferred for EV/HEV applications to simplify the

mounting of the device, and to keep the self-capacitance of
the coil limited and increase the self-resonance far above the
intended operating frequency.

B. Optimization of the Inductor Quality Factor Q

The conductor diameter, the separation of the conductors,
and the number of turns may be used for an optimization of
the inductor quality factor and to design the self-inductances,
because these parameters have no significant effect on the
magnetic coupling of the spiral coil.

If for a given inner and outer coil radius, more and more
windings of a given wire are placed on the coil area and an ever
denser winding is produced, the self-inductance of the coil can
be increased with approximately L ∝ N2 without influence
on the magnetic coupling. Since for a constant copper cross
section of the litz wire, the winding resistance increases
proportionally with the total length lw ∝ N of the conductor,
the inductor quality factor increases with approximately Q ≈
Q ≈ ω0 L/Rac ∝ N . However, once the separation of the
conductors approaches the minimum distance required for
the insulation, it is no longer possible to keep the copper
cross-sectional constant and the conductor diameter has to be
reduced with dw ∝ 1/N . Then, the inductor quality factor
follows approximately Q ∝ 1/N , because Rac ∝ lw/d2

w ∝ N3,
due to the reduction of the copper cross section. Therefore, a
further increase of the number of turns leads to an efficiency
reduction. If a higher number of turns is still needed for
the required self-inductance, a different compensation method
should be considered or the feasibility of a second layer of
windings should be assessed.

These results show that in order to maximize the magnetic
coupling of a spiral coil for a given coil area, i.e., the highest
area-related power density, a circular coil shape should be
chosen. The best winding scheme for a maximization of the
FOM is to fill the coil area from the outside toward the center
until at least one half of the outer coil radius with closely
spaced conductors of a large copper cross section. However,
note that a close placement of the windings also increases the
parasitic capacitance and lowers the self-resonance frequency
of the coils, which imposes an upper limit for the operating
frequency.

C. Selection of the Transmission Frequency f0

The definition of the inductor quality factor Q ≈ ω0 L/Rac
suggests that another method of further increasing its value
would be to increase the transmission frequency while adjust-
ing the strand diameter of the copper litz wire to the desired
frequency in order to minimize the influence of ac effects.
However, an analytical calculation of the total power loss as a
function of the transmission frequency is difficult. Therefore,
the transmission frequency is included as a degree of freedom
in the optimization presented in Section V, where the benefit
of a higher transmission frequency is discussed including
the power loss in the windings, the core, and the resonant
capacitors.
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Fig. 8. Visualization of the magnetic flux density of the used FE model.
Schematically drawn is the vector of the external magnetic field Ĥe in the
transmitter windings (not to scale).

IV. FE MODELING OF IPT COILS

In this section, the theoretical considerations of the previ-
ous section are extended with frequency-domain FE models
including magnetic components and litz wire that are used for
the subsequent η-α-Pareto optimization presented in Section V.
The calculations for the loss estimation in magnetic core
elements and litz wire are discussed in detail. In addition,
details on the employed loss model for the film capacitors
used for the resonant compensation are given.

A. Axis-Symmetric FE Models

The coil design that was chosen for the IPT prototype
presented in the previous section is axis symmetric. Hence,
2-D FE models are sufficient for the calculation. Fig. 8 shows
the simulation model used in the FE tool FEMM1 and in a
commercially available FE software. The litz wire winding
is modeled as cylinders of stranded wire with a uniform
current density as in the dc case. This prevents the time-
intensive calculation of eddy currents in the windings. This
approximation is valid because: 1) the litz wire strand diameter
is chosen to reduce the high-frequency effects to a minimum;
2) the current distribution inside the windings has only a
small influence on the magnetic field on the outside for the
investigated geometry; and 3) because in the following, the
losses in the windings are calculated using analytical equations
together with field values obtained from the FE results and
not with the tools provided by the FE method itself. Both of
the used FE tools offer this functionality to accelerate their
ac-calculation modules.

In order to increase the magnetic coupling of the coils, a
ferrite core is added to the coil design. The core is modeled
by the relative permeability of the used material K2004
(µr = 2000). The conductivity of the core material is low,
therefore it is neglected in the FE model (σ < 1 S/m).
All magnetically inactive materials are not modeled, because
capacitive effects were excluded from the calculations.

In both tools, the simulated space is bounded by a sphere
with a radius that is several times larger than the coil

1Version 4.2, freeware available at www.femm.info (8.1.2014).

radius. The sphere radius was determined from a sequence of
simulations where the size of the bounding sphere was
increased stepwise until no further change in the simulation
results could be observed. This process resulted in a sphere
radius four times larger than the coil radius. A mixed Dirich-
let/Neumann boundary condition on the border of the sphere
is chosen to model unbounded open space. In FEMM, this
can be achieved by setting up an appropriate mixed boundary
condition manually.2

Automatic meshing was used in both cases, which leads
to a skin depth based mesh in all materials. To increase the
accuracy of the stray field calculation, a maximum mesh size
of 5 mm was specified along a radial axis, which has its origin
in the center of the air gap. The stray field is then evaluated
along this axis for the experimental verification presented in
Section VI.

B. Power Loss Calculation

Since the calculation of the power loss in litz wires is not
supported by some FE tools, a combination of analytical and
FE-assisted calculations is preferred for the loss estimation.
The copper loss in the litz wire windings due to the skin
effect (including the dc loss) can be calculated analytically
by integrating the loss density

pskin = n · Rdc · FR( f0) ·
$ Î

n

%2
(23)

over the total length of the windings. The variable n denotes
the number of isolated strands in the litz wire, Rdc is the dc
resistance per unit length of a single strand of the litz wire,
Î is the current peak value, and FR( f0) is a frequency-
dependent factor that models the skin effect [24].

The calculation of the loss density due to the proximity
effect

pprox = n · Rdc · GR( f0) ·
)

Ĥ 2
e + Î 2

2π2d2
a

*

(24)

where da is the outer diameter of the litz wire and GR( f0)
denotes a frequency dependent factor that models the proxim-
ity effect [24], however, requires knowledge of the external
magnetic field Ĥe penetrating the windings. It is a good
assumption that the magnetic field is equal over the total
length of one turn of the axissymmetric inductor model.
However, the external magnetic field Ĥe differs from turn to
turn [Fig. 8]. Therefore, Ĥe must be evaluated in the center
of each turn individually in order to calculate the loss density
pprox accurately for each turn. The loss density pprox is then
multiplied with the length of the individual turn. In a 3-D
design, an integration along each turn would be required.
The total power loss due to the proximity effect can then be
calculated by adding up the power losses of all turns in a coil.

The core loss can be calculated by integrating the core loss
density according to the Steinmetz equation

pcore = κ · f α
0 · B̂β (25)

2See www.femm.info/Archives/doc/tutorial-magnetic.pdf (8.1.2014).
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TABLE III

PARAMETER SPACE FOR THE η–α-PARETO OPTIMIZATION

over the volumes of the two cores. The parameters κ , α, and
β are the Steinmetz parameters of the core material (κ = 6.47,
α = 1.32, and β = 2 for the used material).

C. Resonant Capacitors Loss Model

For the resonant compensation of the coils, film capacitors
of the B32653 and B32654 series are considered. The capac-
itors are dimensioned according to their specified maximum
rms current and the required capacitance obtained from the
calculated IPT coil equivalent circuit models. A safety margin
of two with respect to the rated power loss is included
to compensate for the reduced heat dissipation due to the
arrangement of multiple capacitors in an array.

The power loss in the resonant capacitors is estimated
according to

Pcap = tan δ( f0)

ω0C
I 2
rms (26)

where tan δ( f ) is a fit over frequency of the tan δ indicated in
the datasheets by the manufacturer [25]. The power loss in the
resonant capacitors is always included in the results presented
in the following.

V. η-α-PARETO OPTIMIZATION

Using the FE models and calculation methods presented in
the previous section, in this section, an FE-based optimization
of a prototype IPT coil is presented. Based on the optimization
results, further insight into the tradeoffs encountered in the
design of IPT systems is given.

A. Optimization Methodology

To analyze the physical limits of the chosen coil design,
an η-α-Pareto optimization is performed. Considering the
specifications of Table I, the coil designs with the diameters
and the copper cross sections given in Table III were evaluated
in a parameter sweep.

A target frequency ft was used to select coil geometries
from a previously generated lookup table according to the
design rules presented in Section II. After an initial magneto-
static simulation, the frequency of each design is adapted to
the actual mutual inductance Lh of the coils by

f ′
0 = 1

2π

8
π2

U1,dcU2,dc

P2 Lh
(27)

which follows from (22). This adjustment ensures that all the
specifications of Table I are fulfilled by the simulated design.
It can be shown that this adjustment also leads to an optimal
matching if the coils fulfill (13) and (15).

Fig. 9. (a) Thermal simulation model of the presented prototype IPT coil
with indicated sensor positions. (b) Temperatures measured with thermocou-
ples at the indicated positions for 1.35 kW output power without cooling.
(c) Measured temperatures at 5 kW output power using forced air cooling
with compressed air.

Next, the currents in the windings are calculated and the
strand diameter of the litz wire is adapted to one-fourth of the
skin depth at f ′

0. An FE simulation in the frequency domain
is then used to calculate the power losses, as described in
Section IV.

B. Thermal Model

A coupled electromagnetic and thermal simulation of the
coil designs would be highly time intensive and is therefore
hardly possible. In order to still include a simplified thermal
model in the optimization, the coil designs that exceed the
surface-related power loss density pv,max are removed from
the calculated results. Under the assumption of forced air
cooling of the coils and a maximum surface temperature
40°C above ambient temperature, pv,max = 0.2 W/cm2 is
used as an approximation of the thermal limit based on [26].
For a simplified calculation of the copper losses, an average
temperature of the winding of 80°C is assumed for all designs.

To ensure the thermal feasibility of the prototype presented
in this paper, a thermal simulation of the transmitter coil was
made. In Fig. 9(a), the simulation result for an output power
of 1.35 kW is shown. To experimentally verify the simulation
model, two thermocouples (sensors 1 and 2) were positioned at
the locations shown in Fig. 9(a). The measured temperatures
shown in Fig. 9(b) are in good agreement with the values
obtained from the thermal simulation. During the transmission
of the full output power of 5 kW, forced air cooling with
compressed air was used. Fig. 9(c) shows the temperature
measurement results during the transmission of 5 kW. Due to
the active cooling, the steady-state temperatures are reduced
significantly. The winding temperature (sensor 1) of 30°C
and the core temperature (sensor 2) of 24°C are well below
the thermal limit of the employed litz wire (150°C) and the
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Fig. 10. Results of the η-α-Pareto optimization shown with (a) magnetic coupling k and (b) inductor quality factor Q as parameter. (c) η-α-Pareto fronts
for transmission frequencies between 50 and 350 kHz. For a given power density, a higher efficiency is possible with a higher transmission frequency if the
litz wire strand diameter is adjusted to reduce ac effects.

core material (100°C). The temperature of the used PVC coil
former and the PMMA cover are also below their maximum
operating temperatures of 60°C and 80°C, respectively.

At 5 kW output power, the surface-related loss density of the
presented prototype is approximately pv = 0.05 W/cm2. Given
the measured temperature increase of only 8°C above ambient
temperature, the assumed thermal limit of pv,max = 0.2 W/cm2

for forced air cooling of the coils seems a valid assumption.

C. Stray Field Constraints

Similar to the thermal constraints of the design, also designs
where the stray field exceeds a certain maximum value could
be removed from the results of the optimization. Reference
values for the stray field are given in [6] and [7]; however,
the limits that must be respected strongly depend on the
target application. Therefore, no restriction is made for the
optimization presented in this paper, but the rms stray field is
extracted from the simulation results and discussed below.

D. Discussion of Optimization Results

The calculated performance, including losses in the core,
the copper litz wire windings, and the resonant capacitors, of
the evaluated design examples is shown in Fig. 10(a) and (b).
The η-α-Pareto front that describes the physical tradeoff
between the transmission efficiency η and the area-
related power density α is clearly visible. The coloring in
Fig. 10(a) and (b) corresponds to the calculated magnetic
coupling and the inductor quality factor, respectively. As the
coil size is decreased, i.e., at an increasing power density, the
magnetic coupling is reduced. However, a high efficiency can
still be reached if the quality factor can be increased by means
of a higher transmission frequency, because this results in a
higher FOM = k Q despite the reduced magnetic coupling. In
Fig. 10(c), the Pareto fronts for seven frequencies are outlined.
They clearly show that a higher transmission frequency results
in a higher transmission efficiency for higher power densities,
because of the higher quality factor [Fig. 10(b)].

Fig. 11. (a) Power losses of designs with a power density of 1.47 kW/dm2

(power density of the presented prototype). The winding losses decrease with
increasing frequency, whereas the core and capacitor losses increase. However,
the reduction of the total losses above 100 kHz is small. (b) Power loss as a
function of the stray field at a distance of 300 mm from the coil center, shown
for transmission frequencies between 50 and 350 kHz.

For the design of a prototype system, the power losses
of the coil designs with a power density of 1.47 kW/dm2

were extracted from the optimization results and are shown in
Fig. 11(a). It can be observed that the winding losses decrease
with increasing transmission frequency. Due to the higher
frequency according to the design rules (13) and (15), lower
self-inductances can be used, which results in coil designs with
fewer turns and lower ac resistances. The losses in the core and
the resonant capacitors increase as expected from the Stein-
metz equation and the increasing equivalent series resistance
at high frequencies described in [25]. As a result, up to about
200 kHz the total losses of the designs decrease. However, the
improvement above 100 kHz is small when considering, for
instance, the total gate driver losses of the four MOSFETs
in the transmitter-side power converter, which double from
approximately 1 to 2 W if the switching frequency is increased
from 100 to 200 kHz (CMF2012D SiC-MOSFET with 91 nC
gate charge and +22/−3 V gate driver voltage). For these
reasons, 100 kHz is used as the transmission frequency of the
prototype system, which is shown in Fig. 10(c). The selected
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design lies approximately 0.3% below the Pareto front for
100 kHz, because of a reduction of the self-inductances by
15% below their optimal value. This adjustment is needed to
avoid a pole splitting, which could potentially result in high
switching losses due to hard switching of the transmitter-side
power semiconductors and controller instability [Section II]
[16]–[18].

A number of further tradeoffs and limitations must be
considered when selecting a high transmission frequency in a
practical design. First, there are technical limitations on how
thin the litz wire strands can be manufactured; commercially
available copper litz wires reach minimal strand diameters of
around 30 µm. At the same time, the filling factor of litz wires
decreases with decreasing strand diameter because the required
amount of insulation material becomes large with respect to
the copper cross section. This leads either to higher copper
losses or to a lower power density if the outer diameter of the
wire is increased to maintain a constant copper cross section.
In addition, with too thin strand diameters, the wires may
become fragile and some of the strands might break, which
also reduces the effective copper cross section. Moreover,
the higher price and limited availability of litz wires with
extremely thin strands and large copper cross section must
be considered.

As a second limitation, the losses in the power semiconduc-
tors of the power electronic converters must be considered. If
IGBTs were used as switches, the switching losses due to
the stored charge that will occur despite the soft-switching
conditions need to be taken into account in a tradeoff analysis
[27]–[29]. Also if MOSFETs are used, there are certain
frequency-dependent losses in the converter, e.g., the men-
tioned losses of the gate driver. In addition, the switching
speed and required interlock time of the used devices become
critical as soon as the switching period reaches the order of
magnitude of the time required for turn-ON and turn-OFF of the
devices. Moreover, low inductance and capacitance values are
needed in the resonant circuit at higher frequencies [Fig. 5],
and therefore parasitics in the power electronic converter and
the IPT coils become more and more important. For instance,
the output capacitance of the switches of the transmitter-
side inverter is connected in series to the transmitter-side
series resonant capacitor during the ON-state, which alters
the effective compensation capacitance. The stray inductance
resulting from the converter layout and connection wires to
the coils is added to the leakage inductance of the IPT coil
system, which results in a reduction of the effective magnetic
coupling and, thus, leads to a lower efficiency.

A different tradeoff in the design of IPT coils is shown in
Fig. 11(b), where the power loss is shown as a function of
the minimum achieved rms stray field observed at a distance
of 300 mm from the coil center for seven frequencies. Similar
to the η-α-Pareto front, a tradeoff exists for the power loss
and the stray field. The stray field at a given observation point
can be reduced if smaller IPT coils are used for the power
transmission, i.e., the distance of the observation point to the
coil windings becomes larger. However, due to the required
increase of the power density of the coils, a higher power loss
results. As shown in Fig. 10(c), the power loss can be reduced

TABLE IV

SELECTED DESIGN FOR THE PROTOTYPE SYSTEM

if the transmission frequency is increased, but the described
tradeoff exists nonetheless. With the coil design investigated in
this paper, the ICNIRP 2010 standard [6] can only be fulfilled
if a transmission frequency above 50 kHz is used and it is
not possible to comply with the ICNIRP 1998 standard [7] at
the observation distance of 300 mm, even with a frequency
as high as 350 kHz. As an alternative solution, passive or
active shielding could be included in the coil design to reduce
the stray field. Then, also the losses due to eddy currents in
the shielding elements must be taken into account, which is
possible with the used FE tools. However, since shielding is
not needed for the prototype presented in this paper, this is not
investigated further.

VI. EXPERIMENTAL VERIFICATION

Taking everything into account, a prototype IPT system was
designed for an area-related power density α ≈ 1.47 kW/dm2

with the parameters listed in Table IV. The system is shown in
Fig. 12(a)–(c). A transmission frequency of 100 kHz was used
and a strand diameter of 71µm was chosen for the litz wire
based on the skin depth at the selected frequency. From the
calculations, a transmission efficiency of 98.25% is expected.
The expected stray field of the prototype system is 26.16 µT
at a distance of 300 mm from the coil center.

The power converter shown in Fig. 12(a) was constructed
for the experimental verification of the used models. Even
though for the measurements, a dc-link voltage of 400 V is
used, the converter was built with 1.2 kV SiC-MOSFETs
(RDS,on = 80 mΩ at 75°C), which leads to increased conduc-
tion losses when compared with a design with 600 V devices.
However, the higher blocking voltage will also allow future
experiments with higher dc-link voltages, e.g., 800 V supplied
from the three-phase grid, and, owing to the low capacitance
and high switching speed of the used devices, switching
frequencies higher than 100 kHz are also possible. This flex-
ibility of the test setup was preferred over the additional loss
reduction that could result from devices with lower rating.

A waveform of the converter output voltage u1, the rectifier
input voltage u2, and the inductor currents i1 and i2 at a
transmission of 5 kW output power are shown in Fig. 12(d).
The close-to-sinusoidal shape of the inductor currents supports
the previously presented fundamental frequency model.

In order to assess the quality of the FE models presented
in Section IV in terms of calculated power loss, equivalent
circuit parameters, and stray field, an extensive experimental
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Fig. 12. Prototype IPT system, designed to transmit 5 kW across an air
gap of 52 mm at 100 kHz. (a) Test inverter employing SiC MOSFETs.
(b) IPT coil with a diameter of 210 mm, windings made from copper litz
wire with 630 strands of 71µm diameter. (c) Ferrite core material (K2004)
placed in a carrier made from PVC. (d) Waveforms of a measurement at the
transmission of 5 kW over an air gap of 52 mm.

verification was performed. In the following, the results of
these measurements are compared with the calculated values.

A. Equivalent Circuit Parameters

Table V shows the measured circuit parameters and those
obtained from the FE methods. Indicated in brackets is the
calculation error relative to the measured values. It can be
observed that the self-inductances are calculated accurately
by both of the used FE tools. The magnetic coupling is also
accurate with an error of less than 10%. The highest error
appears for the mutual inductance, because in its calculation
according to Lh = k

√
L1 L2, the calculation errors in the self-

inductances and the magnetic coupling are adding up.

B. Stray Field

To verify the accuracy of the stray field calculation, field
measurements were taken with the field probe that was

TABLE V

COMPARISON OF MEASURED AND FE CALCULATED CIRCUIT

PARAMETERS (AIR GAP 52 mm)

Fig. 13. Comparison of calculated and measured rms stray field of the IPT
system. The average absolute value of the relative error with respect to the
measurements is 9.3% for FEMM and 11.6% for the commercial FE tool. The
design and experimental validation of the field probe is presented in [30].

designed and experimentally tested in [30], along a radial axis
with its origin in the center of the air gap. The measurements
of the rms stray field are shown in Fig. 13, together with the
values calculated by the FE tools and a photograph of the used
field probe. If the relative error of the calculation is averaged
in absolute value, the tool FEMM shows a deviation of 9.3%.
The commercial FE tool deviates by 11.5% from the measured
field values.

C. Power Loss

Due to the high frequency of the coil currents and the steep
slopes of the switched voltage, it is difficult to reliably measure
the power loss in the resonant tank directly. For this reason,
only measurements of the dc input power and the dc output
power were taken with a power analyzer (WT3000). The used
measurement setup is shown in Fig. 14(a). An external load
resistor was used to dissipate the transmitted power, while the
output voltage was regulated with an electronic load operating
in constant voltage mode. In addition, the dc-link capacitor at
the output was precharged with a dc supply with a series diode
that isolates the supply from the rest of the circuit as soon as
the power transmission is initiated.

The power loss measured at the rated output power of 5 kW
was then compared to the calculated values of the losses in
all components of the prototype system, which are shown in
Fig. 14(b). The coil and capacitor losses were calculated as
outlined in Section IV. Because of the Zero Voltage Switching
operation of the MOSFETs and because an external auxiliary
supply is used to power the gate drivers, only conduction
losses have to be included for the semiconductor losses of
the transmitter-side inverter. In addition, the rectifier diodes
(DSEI2x101) on the receiver are soft switched, and therefore
only conduction losses have to be calculated for the semicon-
ductor losses of the receiver. A thermal model was used to
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Fig. 14. (a) Schematic diagram of the experimental setup used for the dc-to-
dc power loss measurements. (b) Calculated loss components contributing
to the total dc-to-dc conversion losses of the prototype IPT system at
5 kW output power and 52 mm air gap. The calculated total loss is 146.9 W,
measured were 171 W (−14.2%). (c) FE-calculated loss components in the
IPT coils, divided into power loss due to the skin effect Pskin (including dc
copper loss), the external and internal proximity effect Pprox,e, Pprox,i , and
core losses Pcore.

estimate the junction temperature of the devices for the calcu-
lation of the conduction losses based on the measured steady-
state temperature of 35°C of the custom-made heat sink.

The comparison in Fig. 14(b) shows that the coil losses
contribute only about 30% of the total loss, while the remain-
ing loss occurs to approximately equal parts in the resonant
capacitors and the semiconductor devices. This clearly illus-
trates that for a holistic optimization of the IPT system, these
components must be considered.

The partitioning of the calculated coil losses into skin effect
loss (including dc copper loss), proximity effect loss, and core
loss is shown in Fig. 14(c). It can be seen that because of the
small strand diameter of the used litz wire (71 µm), the main
parts are the dc copper losses. Approximately 24% of the total
power loss in the coils result from core losses. The measured
steady-state winding temperature with forced air cooling at
the maximum power was 30°C and the temperature of the
core was 24°C, as discussed in Section V.

The calculated total loss at 5 kW output power is 146.9 W,
which means a calculation error of −14.2% with respect to the
measured 171 W dc-to-dc power loss. The calculation accuracy
of the losses in the resonant capacitors and the semiconductors
can be considered high as the calculation is directly based on
manufacturer data. All in all, this indicates a good agreement
of the FE results with the measurements.

To control the output power, the dc-link voltages at the input
and the output were adjusted with the supply and the electronic
load shown in Fig. 14(a). As proposed in [5], in a practical
realization, this could be implemented with two additional
dc–dc converters on both sides of the IPT system. Since the
current in the transmission coil can be decreased significantly
below its nominal level during partial-load operation, this
control method leads to a good performance over a wide
operating range, as shown in Fig. 15. The power losses of

Fig. 15. Calculated and measured dc-to-dc conversion efficiency (including
losses in the IPT coils, resonant capacitors, and power semiconductors) as a
function of the output power at 52 mm air gap. The output power is adjusted
by controlling the dc-link voltage on both sides of the resonant circuit.

the additional dc–dc converters required on both sides of the
IPT system are not included in the results shown. However,
given the high transmission efficiency that can be reached with
this control method, it is expected that the overall conversion
efficiency will still be higher than what can be achieved with
other methods in partial-load conditions, even if the losses of
the required dc–dc converters are included.

The measurements demonstrate a dc-to-dc conversion effi-
ciency of 96.5% of the IPT prototype system at an area-related
power density of 1.47 kW/dm2 and an efficiency above 95%
over a wide operating range, including losses in the IPT coils,
the power semiconductors, and the resonant capacitors, which
validates the design principles and the optimization process
presented in the paper.

VII. CONCLUSION

In this paper, the optimization of a 5 kW IPT system for an
air gap of 52 mm under consideration of the tradeoff between
transmission efficiency η and the area-related power density α
as described by the η-α-Pareto front is presented, and generally
valid design guidelines for high-power IPT systems are derived
from the results. The used FE models and the power loss
calculation are discussed in detail and are experimentally
verified. It is shown under which conditions the efficiency
of IPT systems can be increased by a higher transmission
frequency, which enables a high power density of the IPT
system despite the thermal limitations of its components. In the
discussion, the encountered tradeoff due to additional losses
in the power electronics is highlighted.

From the results of the η-α-Pareto optimization a design
is selected for an experimental verification of the design
method. Measurements demonstrate the accuracy of the used
FE models, including circuit parameters, stray field, and power
losses. A dc-to-dc conversion efficiency of 96.5% of the forced
air cooled 1.47 kW/dm2 IPT prototype system, including the
power losses in the IPT coils, the resonant capacitors, and
the power semiconductors, for the transmission of 5 kW
at 100 kHz is demonstrated by experiments (coil diameter
210 mm and air gap 52 mm).

The work presented in this paper demonstrates the impor-
tance of the power electronics in the optimization of IPT sys-
tems. Future research could, therefore, address an optimization
of the system efficiency under consideration of the losses in
all stages of the power conversion, including the coils, the
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resonant and dc-link capacitors, the power semiconductors and
gate-drivers, and also the power consumption of the cooling
system and the control and auxiliary circuits. In addition, for
an EV/HEV battery charging system, a wide output power and
output voltage range must be taken into account due to the
varying state-of-charge of the battery and the desired charging
current. Hence, an optimization that takes a certain battery
charging profile into account could lead to an improvement of
the overall performance of the charging system.
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Ivica Stevanović (S’03–M’05–SM’12) received the
Dipl.Ing. degree in electrical engineering from
the University of Belgrade, Belgrade, Serbia, and
the Ph.D. degree in electrical engineering from Ecole
Polytechnique Fédérale de Lausanne (EPFL), Lau-
sanne, Switzerland, in 2000 and 2005, respectively.

He was a Researcher and Teacher with the Cali-
fornia Institute of Technology, Pasadena, CA, USA,
in 2000, and at EPFL from 2000 to 2006, before
joining the industrial research and development with
Freescale Semiconductor, Austin, TX, USA, from

2006 to 2008, as a Senior Research and Development Engineer, and with
ABB Corporate Research from 2008 to 2013, as a Principal Scientist. Since
2013, he has been with the Federal Office of Communications, Bienne,
Switzerland, where he is currently a Radio Spectrum Specialist representing
Switzerland in the international technical bodies for standardization in wireless
communications. He has authored more than 70 scientific publications. His
current research interests include numerical methods applied to electro-
magnetic modeling (antennas, waveguides, metamaterial structures, power
electronic components, and wireless power transfer) and to statistical and
compact modeling of integrated circuits.
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